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Abstract

Nowadays, the offshore wind industry is expanding fast and many wind farms will be built in the

near future. For every new project, a complete collision risk analysis is required. Usually, the

crashworthiness of an offshore structure is assessed with non linear finite element simulations

that provide accurate results but are time-demanding. Such approach is relevant in the final

design but is not suitable at pre-design stage for which hundreds or sometimes thousands of

collision scenarios have to be investigated. The purpose of this PhD thesis is thus to develop

simplified semi-analytical formulations to compute quickly the resistance of an offshore wind

turbine jacket impacted by a ship.

Based on finite element simulations, the structural behaviour of a collided jacket is described

and four deformation modes are identified, namely the local crushing of the impacted tubular

members, the global deformation of the whole jacket, the punching of legs by compressed braces

and the deformation at the base of the jacket legs.

For each of them, closed-form expressions describing the evolution of the resistant force with

the ship penetration are developed and validated using the finite element software LS-DYNA.

The resistance related to the deformation modes involving a cross-section modification is derived

using an analytical approach based on the upper-bound theorem associated with a plastic limit

analysis. Considering the global deformation of the overall jacket, a methodology similar to

nonlinear finite elements is developed, in which each tubular member is modelled as one single

3D beam element.

The total resistant force of the collided jacket is computed with an algorithm based on the

continuous elements method. The collision time is split into short time steps for which the

resistant force is computed for the four deformation modes; the total resistant force at the

considered time step is assumed to be the minimum one. As the deformation in one mode

may have an effect on the other ones, their interactions are accounted for in the formulations

previously described.

Resistant forces and dissipated energies calculated from this semi-analytical method are then

compared to finite element simulations for a wide range of collision scenarios involving initial

kinetic energies up to 75 MJ . Finite element and semi-analytical results are in good agreement,

which validates the presented innovative developments and algorithm.
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Résumé

Actuellement, l’industrie de l’éolien offshore grandit rapidement et plusieurs parcs d’éoliennes

vont être construits dans un avenir proche. Pour chaque nouveau projet, une analyse de risque

exhaustive est demandée. Habituellement, la résistance à l’impact d’une structure offshore

est évaluée grâce à des simulations par éléments finis qui fournissent des résultats précis mais

demandent un temps de calcul important. Une telle approche est pertinente dans la phase finale

de dimensionnement mais n’est pas adaptée à une étape de pre-design pour laquelle des centaines

voire des milliers des scenarios de collisions doivent être investigués. L’objectif de cette thèse

de doctorat est donc de développer des formulations simplifiées semi-analytiques pour calculer

rapidement la résistance d’une éolienne offshore impactée par un navire.

Sur base de simulations par éléments finis, la réponse structurelle d’un jacket impacté est

décrite et quatre modes de déformation sont identifiés, à savoir l’écrasement local des cylindres

impactés, la déformation globale de l’ensemble du jacket, le poinçonnement des legs par les

braces comprimés et la déformation à la base des legs du jacket.

Pour chacun d’eux, des expressions univoques décrivant l’évolution de la force résistante

par rapport à l’avancement du bateau sont développées et validées avec le logiciel de calcul

par éléments finis LS-DYNA. La résistance liée aux modes de déformation qui impliquent une

modification de la section transversale est obtenue en utilisant une approche analytique basée

sur le théorème de la borne supérieure associé à une analyse limite plastique. Concernant la

déformation globale du jacket, une méthode similaire à celle des codes éléments finis non linéaires

est développée et chaque cylindre est modélisé en tant qu’un unique élément de poutre 3D.

La force résistante totale du jacket impacté est calculée à l’aide d’un algorithme basé sur la

méthode des éléments continus. La durée de la collision est subdivisée en plusieurs courts pas de

temps pour lesquels la force résistante est calculée pour chacun des quatre modes de déformation;

la force résistante totale pour le pas de temps considéré est supposée être la force minimum.

Puisque la déformation dans un mode peut avoir un effet sur les autres, leurs interactions sont

prises en considération dans les formulations décrites précédemment et sont mises à jour à chaque

pas de temps.

Les forces résistantes et énergies dissipées calculées avec cette méthode semi-analytique sont

ensuite confrontées aux simulations par éléments finis pour une large gamme de scénarios de

collision et avec des énergies cinétiques initiales allant jusque 75 MJ . Les résultats obtenus à

l’aide du code semi-analytiques corrèlent bien avec ceux issus des calculs par élément finis, ce

qui valide les développements innovants et l’algorithme présentés.
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Nantes m’a été indispensable. Je le remercie également pour son implication et sa grande

disponibilité.
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Je remercie également tous mes collègues pour leur bonne humeur et tous les bons moments

passés ensemble. Un merci plus spécifique pour ceux avec qui j’ai partagé le bureau, Löıc,
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Chapter 1

Introduction and state of the art

Abstract:

The purpose of this introduction is to describe the context of the offshore
wind industry and the existing scientific work performed in relation to
ship collisions in order to demonstrate the interest of this PhD.

It is agreed that earth global warming is related to pollution due to
human activities, and a reduction of fossil fuel resources consumption
appears to be mandatory to prevent major environmental damage. Re-
newable sources of energies need therefore to be more extensively devel-
oped. Amongst them the offshore wind industry is expanding quickly
and the number of offshore wind turbines (OWT) installed worldwide is
increasing yearly. Similarly, the number of ships rises also. Due to those
two factors, the probability of a collision between a ship and an offshore
wind turbine increases as well. As required by design standards, this
loading case has to be investigated during the design process.

Several authors studied the resistance of offshore or naval structures im-
pacted by a ship using experimental, empirical, numerical or analytical
methods. Their main results are discussed and provide a useful state of
the art for the present thesis. Regarding the crashworthiness of OWT
jackets, numerical simulations were already performed to study the be-
haviour of such impacted structures. However, the large computation
time required by the FE method makes it not suitable for a pre-design
stage and complete collision risk assessment. The development of a sim-
plified method, which is the aim of my PhD thesis, becomes therefore a
major interest for a preliminary design phase.

The structure of the document finally is detailed in this Chapter.

1



CHAPTER 1. INTRODUCTION AND STATE OF THE ART

1.1 Context of the research

For several years, the energetic context is being submitted to a complete mutation. In the past,

fossil resources (fuel, coal, uranium, . . . ) were used as the only source of energy available for

industry, transportation, personal use, . . . Today, it appears that the use of those resources has

to be limited.

First, the combustion of most fossil fuels produces several polluting gases, amongst them the

well-known CO2. Today, several scientific researches demonstrated that the global warming at

earth scale is related to the increase of gases emission, which significantly started to increase

at the beginning of the 20th century, with the development of industry and the emergence of

additional countries in the worldwide economy. Princiotta [63] gives the record of carbon dioxide

concentration and the global warming since 1750 and proposes a model to predict the values

until 2100 (Figs. 1.1 and 1.2 respectively).

Figure 1.1: CO2 concentration measurements and projections [63]

According to the 5th IPCC (GIEC in French) report published in 2013 [37], the global

warming should be limited to 2◦C with regard to the pre-industrial period to prevent irre-

versible climate changes and natural disasters such as cyclones, drought, loss of species, sea level

elevation, . . . This objective of 2◦C temperature elevation was signed by 195 countries in 2015

during the COP21 taking place in Paris.

Uranium that is used in the nuclear power plants is also a fossil resource. Even if those

plants do not emit any polluting gases, the treatment and storage of the nuclear wastes remains

a challenging issue. The potential danger of such installation has also to be considered, as the

accidents of Tchernobyl or Fukushima reminded.

In addition to the pollution issue, the fossil resources are depleting. Even if it is difficult

to predict when the resources will be missing, it appears anyway that the cost required to get

access to fossil fuels will increase with the complexity to extract them.

2
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Figure 1.2: Temperature variation with regard to 1990 measurements and projections [63]

To overcome those issues, researches are performed to develop innovative sources of energy.

In order to reduce as much as possible the amount of polluting substances emitted, renewable

sources of energy are mainly investigated, such as wind (wind turbines), sun (solar or photo-

voltaic panels), water (hydroelectric power plants, technologies based on waves1 or tidal, . . . ),

biomass and geothermal energy. Any of those sources may be considered as better than another

one. Their use depends on the local conditions where sources of energy are required, and it

appears that all the technologies are complementary.

The present thesis focuses on wind energy, and specifically to offshore wind turbine jackets.

Wind energy was used for centuries for navigation purpose and for wind mills. The first

record of a wind turbine developed to produce electricity is from 1887. It was created by

Charles Brush and built in Cleveland, USA (Fig. 1.3) [23].

Later on, the technology was improved and the turbines power increased rapidly. The first

generator with more than 1 MW was built in 1941.

The first offshore wind farm, named Vindeby, was built in Denmark in 1991. It consists in

11 turbines with a power of 450 kW each [65].

Until then, the wind power installed is increasing constantly. According to the Global Wind

Energy Council (GWEC) [33], the wind power (onshore and offshore) installed yearly worldwide

is increasing constantly since 2000 (except in 2013) until 2015, as can be seen in Fig. 1.4. The

corresponding cumulative wind capacity is expanding fast, as represented in Fig. 1.5. Republic

of China represents the largest wind power installed in the world in 2015, with 33.6% of the total

worldwide capacity, followed by the USA (17.2%) and Germany (10.4%), as given in Fig. 1.6. As

long as all the countries of EU are considered, they represent 32.7% with 141.6 GW installed [33].

1For example https://www.pelamiswave.com/pelamis-technology/
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Figure 1.3: Turbine developed by Charles Brush in 1887 [23]

Figure 1.4: World annual wind capacity installed [MW ] [33]

Figure 1.5: World cumulative wind capacity installed [MW ] [33]
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Figure 1.6: Worldwide repartition of cumulative wind capacity installed [33]

The European Wind Energy Association (EWEA) [32] collects wind data for the continent.

Similarly to the worldwide trends, a large expansion of the cumulative wind capacity (onshore

and offshore) may be noticed, as represented in Fig. 1.7. The total power installed was equal to

141.6 GW in 2015, which corresponds to 15.6% of the electricity production in EU (Fig. 1.8),

less than gas and coal, but more than water and nuclear power [32]. The wind cumulative power

for the most representative countries in EU is given in Table 1.1.

Figure 1.7: Europe cumulative wind capacity installed [GW ] [32]

In EU, it appears that most of the wind power installed is onshore, but the part of offshore

wind is increasing regularly, as can be seen in Fig. 1.9 [32], and is expected to continue growing.

With regard to onshore wind turbines, building offshore wind farms is more complex and more

expensive. All the turbines have to be connected to a substation, and electricity is then driven to

shore through a long cable, which causes a voltage drop and therefore a loss of power. Offshore

maintenance is also a task more complex than onshore because it requires ships navigating within

the wind farms, which makes it more expensive and increases the probability of collisions.
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Figure 1.8: EU energy mix in 2015 [32]

Table 1.1: Cumulation wind power repartition in EU [32]

Pos. Country Cumulative wind power [GW ] EU percentage

1 Germany 44.9 31.7
2 Spain 23.0 16.2
3 UK 13.6 9.6
4 France 10.4 7.3
5 Italy 9.0 6.3

. . .
14 Belgium 2.2 1.6

Figure 1.9: EU yearly installed wind power onshore and offshore [MW ] [32]
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However, offshore wind farms may take advantage of higher and more constant wind speeds

that are not disturbed by hills or buildings. In addition, they are built far from shore and have

less incidence on human being (noise, landscape modification, . . . ). This allows also for larger

wind turbines and therefore for larger unitary power.

Offshore wind remains therefore an attractive electricity power production system. The

evolution of the offshore wind installed power in Europe is given in Fig. 1.10 [31].

Figure 1.10: Yearly installed and cumulative offshore wind power installed in 2015 [31]

Most of the offshore power installed is in UK (45.9% of EU installed power in 2015), followed

by Germany (29.9%), Denmark (11.5%) and Belgium (6.5%) [31]. The detail of total number of

farms, wind turbines and offshore power installed in 2015 is given in Fig. 1.11.

Figure 1.11: EU wind farms, wind turbines and offshore wind power installed in 2015 [31]

Several types of offshore wind turbine substructures exist, mainly chosen according to the

water depth at the wind turbine location, as represented in Fig. 1.12 [6]. Up to 30 m, monopiles

are mainly used. Until 60 m, jackets are the most common structures while floating wind

turbines are preferred for deeper waters.

In 2016, monopiles represented more than 80% of the offshore wind turbines substructures

installed, while the part of jackets was 6.6%. Only 1 floating turbine was installed, corresponding

to less than 0.1% of substructures, and the rest consists in tripods, tripiles and gravity base

foundations.

In this thesis, we focus only on OWT jackets, which is a supporting structure composed of

4 legs (main tubular members) connected by many inclined braces (smaller tubular members).

The general shape of that structure is a truncated pyramid with 4 faces (Fig. 1.13).
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Figure 1.12: Offshore wind turbine foundation types [6]

Figure 1.13: Offshore wind turbine jacket [52]
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The size and unitary power of the offshore wind turbines expands fast. Today, the length

of a blade could reach more than 80 m, longer than the Airbus A380 wingspan. The average

turbine rated capacity in 2016 was 4.8 MW , while it was 4 MW in 2012, 3 MW in 2005 and

2 MW in 2000. Prototypes of turbines now even reach a power of 8 MW .

As can be seen from these data, the number of installed wind farms is growing, and it is still

expected to develop in the next years.

In parallel, the number of navigating ships is also increasing worldwide. The vessels become

in addition larger and heavier.

Combining the increase of offshore wind turbines and navigating ships rises the probability

of a collision between them, even with the improvement of navigation systems (radar, GPS, . . . ).

In the literature, only few accidents are reported. However, Kvitrud [43] listed the collisions

involving ships and platforms in Norway. Since 1982, 115 collisions were reported, amongst them

26 in the period 2001-2010. No death or injuries were caused during those incidents, but the

material damage was important in some cases. The main collision properties described in [43]

are summarised in Table 1.2.

Table 1.2: Significant ship - platform collisions in Norway properties

Date Mass [tons] Velocity [m/s] Energy [MJ ]

March 7th, 2004 ≈ 5, 000 3.7 ≈ 39
June 2nd, 2005 ≈ 4, 700 ≈ 3 > 20
November 13th, 2006 ≈ 100, 000 1.2 ≈ 60
July 18th, 2007 ≈ 3, 100 1− 3.5 1.5− 20
June 8th, 2009 ≈ 6, 000 ≈ 4.8 ≈ 70

Robson [66] collected all the incidents between ships and platforms in the UK Continental

Shelf between January 1st, 1975 and October 31st, 2001. From the database, 557 collisions were

recorded on that period, and amongst them 17 were considered as severe (without more details

on the notion of severity).

In the Offshore Design Standards edited by Det Norske Veritas (DNV) [21] and the American

Petroleum Institute (API) [5], it is required to perform a complete collision risk analysis for

every new offshore project. This consists in assessing the structural behaviour of both the

striking ship and the offshore structure for a large range of parameters related to the ship (type,

geometry, internal reinforcement, material, . . . ), to the structure (geometry, material, . . . ) and

the collision itself (impact point, ship trajectory, ship mass and initial velocity, . . . ). The notion

of risk involves also the probability of a collision to occur, as will be discussed in Section 2.2.

The minimum collision energy that has to be investigated, according to DNV [21] is 14 MJ

for sideways collisions and 11 MJ for bow or stern collisions, which corresponds to a ship with

a 5, 000 tons displacement and an initial velocity of 2 m/s. The American Petroleum Institute

(API) [5] requires to consider a vessel of 1, 000 tons colliding the structure at a velocity of
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0.5 m/s, which is much lower than the DNV requirements. Those initial kinetic energies are

below the collision energies reported by Kvitrud [43] (up to 70 MJ).

In practice, each collision scenario has to be investigated before validating the offshore struc-

ture design. Due to the large number of parameters, this represents hundreds or even thousands

of scenario to analyse. Several design methods exist and are discussed in the next Section 1.2

and in Chapter 2.

1.2 Ship collisions state of the art

Ship collisions were investigated by many authors.

Zhang [96] listed four types of methods in the case of ship-ship collisions that are also valid

for ship - offshore structures impacts, namely:

• Experimental methods;

• Empirical methods;

• Numerical methods;

• Simplified analytical methods.

1.2.1 Experimental methods

Experimental methods remain the most reliable ones, as they include all the physical phenomena

involved in a real collision event.

Most of the experiments were conducted on small parts of the structure. One may note, as an

example, the ship hull resistance to an impact in order to prevent oil spills that was investigated

in many studies, amongst them in Amdahl [2], Pedersen et al. [58] or Qvist et al. [64]. More

recently, other experiments were conducted to analyse the crushing resistance of some structural

parts of a collided ship, such as the one performed by Liu et al. [47] for web girders, Karlsson

et al. [41] or Zhang et al. [95] for plates with lateral deformation, Simonsen and Ocakli [68] for

folded plates, amongst others.

Experiments were also conducted on tubular members, which compose an OWT jacket.

For example, Cerik et al. [18] performed low-velocity mass impact on a tubular structures and

discussed the effect of the geometrical parameters (diameter, thickness, length) on the local

denting and global displacement of the structure. The deformed structure after the collision for

one set of parameters is illustrated in Fig. 1.14. The results obtained with the experimental

tests were used to validate numerical (USFOS and ABAQUS ) and analytical tools, that were

shown to be in good accordance for most cases.

10



CHAPTER 1. INTRODUCTION AND STATE OF THE ART

Figure 1.14: Deformation tubular structure after a low-velocity impact, as performed by Cerik
et al. [18]

Other experimental studies were conducted by Watson et al. [83, 84], Ellinas and Walker [30],

Jones et al. [40], Zeinoddini et al. [94] or Cho et al. [19], amongst others. For all those exper-

iments, drop tests were performed on tubular members in order to analyse the influence of

geometrical parameters. The results presented by those authors allow to identify the main pa-

rameters governing the tubular members behaviour, which are the tubular member diameter

and thickness, the location of the impact and the energy dissipated during the impact.

Only few full-scale experimental tests of ship collisions were performed, due to the high

complexity to built and install the experiment and to its cost. However, some results of full-

scale ship collision are published by Wevers et al. [85], Tabri et al [75] (Fig. 1.15) or Ehlers [24].

The striking ship was equipped with a very rigid bulb and collided structures fixed on another

vessel. Sensors were used to record forces and accelerations of both ships.

Figure 1.15: Full-scale ship collisions [75]

Scaled experiments were performed by Tabri et al. [76] by applying Froude scaling law on

polyurethane foam ship models to analyse the external dynamics of the collision. However, the

damage on both scaled ships could not be properly represented with those models.

Other scaled collisions were performed to optimise the stiffening systems of collided ships

and analyse the influence of the striking ship shape. One may note for example the experiments

conducted in Germany by Woisin [88] (Fig. 1.16) and in Japan whose results were presented by

Akita et al. [1]. More recently, Calle et al. [17] also performed various experimental simulations
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of scaled model including collisions against a rigid wall, grounding or ship-ship collisions. For

all of them, validations were performed by comparison with finite element simulations.

Figure 1.16: Scaled experiments of ship collisions performed by Woisin [88]

Regarding ship collisions on offshore wind turbine substructures, no article involving full-

scale or scaled models were found in the literature.

1.2.2 Empirical methods

Empirical laws consists in expressions based on several experimental results used to describe

physical phenomena. One of them was developed by Minorsky [50] to describe the dissipated

energy and the volume destroyed for both the striking and struck ship after a collision. Other

empirical formula were then established based on recorded accidents, such as Hagiwara et al. [34]

or Suzuki et al. [74], but their application requires to investigate a ship with similar geometrical

and mechanical properties than the ones considered to establish the formula.

Due to the lack of data available in the literature for ship - offshore structure, empirical laws

do not exist to our knowledge in the investigated field.

1.2.3 Numerical methods

Nowadays, design offices mainly use finite element (FE) simulations to assess the resistance of

an offshore structure impacted by a ship. Many researchers also used this method to investigate

the structural behaviour of collided wind turbine jackets. Numerical assumptions that have to

be performed were investigated by Biehl [11], Paik [53] or Pire et al. [60] amongst others.

As detailed in Section 1.1, design standards impose to consider initial kinetic energy of

14 MJ . Additional analyses were however performed to analyse the dynamic behaviour of a

jacket impacted by ships with higher initial kinetic energies, such as performed by Amdahl and

Johansen [4], Travanca and Hao [78, 80] or Moulas et al. [51] (Fig. 1.17). Those papers highlight

the large deformation and plasticity that the jacket may suffer with energy impact of about 50
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to 60 MJ . Vredeveldt and Schipperen [81] investigated the jacket geometrical and mechanical

properties to improve the collision resistance and identified the best geometrical arrangements

to resist ship impacts.

Figure 1.17: Ship - OWT jacket FE simulation, as performed by Moulas et al. [51]

Le Sourne et al. [44] investigated the effect of additional parameters, still using nonlinear FE

simulations. It is shown that gravity loads have little influence on the behaviour of the jacket

subjected to an impact and can therefore be neglected. They also conducted analyses with the

soil stiffness as a parameter, considering it alternatively as rigid or as flexible. Comparisons

between both behaviours show negligible differences. This will be discussed in more details in

Section 3.3.

The stiffness of the striking ship is also important as the energy dissipation is related to the

relative stiffness between both striking and struck structures. As shown in [44], several types

of ships have completely different stiffnesses, an OSV bow being more flexible than an ice class

bulk carrier side shell, for instance. Even if the striking ships will be considered as rigid in

this thesis, the relative stiffness between the ship and the jacket will have to be investigated for

further research.

Finite element simulations were also performed to assess the resistance of tubular members

only submitted to lateral impacts. Soreide et al. [69, 71] computed the energy dissipation

capacity of tubular members impacted laterally and discussed the residual resistant capacity

of the dented cross-section. The reduction of carrying capacity of the dented section was also

investigated by de Oliveira et al. [20]. Recent studies were conducted to analyse the effect of the

indenter shape or the impact location along the tubular member, such as Travanca and Hao [79]

(Fig. 1.18) or Cerik et al. [18].
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Figure 1.18: Deformation of the impacted tubular member for two indenter shape [79]

The effect of axial pre-loading on the tubular member resistance to lateral impact was also

numerically investigated by Zeinoddini et al. [92, 93] or Khedmati et al. [42] and the models

were validated with experimental results.

Even if FE algorithms are a useful tool to assess the resistance of a collided structure, two

limitations remain, as mentioned here and detailed in Section A.

First of all, this method is time consuming because a fine mesh is required to get accurate

results in the framework of collisions. In order to reduce the computation time, one may use FE

formulations and consider each jacket tubular member as one single finite beam element. This

idea was followed to create the software USFOS [70]. The software includes potential yielding

at each tubular extremities and at midspan, large deformation formulations and joint resistance

checks. However, the cross-section deformations are not included. Collisions simulations per-

formed with USFOS were published by Tran [77] or Amdahl and Holmas [3], amongst others.

This method is shown to provide accurate results with regard to FE simulations. Computation

time may be also saved by combining numerical and semi-analytical method. As an example,

Ehlers and Tabri [27] investigated the damage of a collided ship. Therefore, one single collision

scenario is computed with FE simulation and the results are extended to other scenarios with

semi-analytical expressions.

Then, modelling the rupture of a component is still arduous. Indeed, material rupture

threshold are often defined using uniaxial traction tests. For collided structure, the stress state

is most of time more complex than pure traction in the critical areas. Several material failure

laws were developed for multiaxial stress states, but their application remain limited to some

specific internal stresses distribution cases and most of them are not implemented in FE solvers

yet. Failure laws are discussed with more details in Section A based on the work performed by

Ehlers et al. [25, 26, 28], amongst others.
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1.2.4 Simplified analytical methods

Another approach to compute quickly the resistance of an offshore jacket is to use simplified

methods based on analytical formulations.

In the framework of collisions, this idea was first applied by Ito et al. [38], Yukio et al. [91]

and Paik et al. [56] under the name of Idealized Structural Unit Method (ISUM). This method

consists in dividing the structure into large sub-elements for which the plastic deformation is

described by an analytical formulation, including folding, yielding, crushing or rupture. In

addition, the interaction between all those sub-elements is ensured with a classical FE assembly

method. It was demonstrated that this method provides accurate results within a computation

time shorter than with FE simulations. Applications of this method were developed by Paik

and Pedersen [54] to compute the damage of a collided ship, Paik and Thayamballi [57] for large

steel plates transversally loaded or Pei et al. [59] for ships submitted to extreme wave loading,

amongst others.

Other authors derived simplified analytical formulations for several impacted elements using

the upper-bound theorem, as described by Jones [39]. One may note for example the work of

Wierzbicki et al. [86], Wang et al. [82], Simonsen [67] or Zhang [96] (Fig. 1.19) for plates frontal

crushing, Yu [90] for plates lateral loading or Amdahl [2] for plates crossings.

Figure 1.19: Initiation of plate folding [96]

As an extension to this work, Lützen [48] developed some analytical formulations to assess

the deformation of a ship impacted by another ship. This involves formulations that describe

the deformation of the bow, the decks and all the stiffening system of both striking and struck

ships. The work of Lützen was then extended by Buldgen et al. [13] who adapted the so-called

“super-element” method to ships oblique collisions and by Le Sourne et al. [45] who included the

effects of hydrodynamic forces occurring during the ships rigid body movements. The scenarios

of ship colliding lock gates was also studied by Buldgen et al. [15] for plane gates and by Buldgen

et al. [16] for mitre gates. In the previous papers, the striking ship was considered to be rigid,

which is conservative with regard to the collided structure.
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Analytical formulations are similarly developed to assess the deformation of a ship colliding

a rigid structure. The resistance and deformation of a ship bulb impacting an inclined rigid wall

and rigid tubular member was studied by Buldgen et al. [12].

The deformation of tubular members, which compose the structure of an OWT jacket, was

also investigated by several authors who developed analytical expressions able to describe their

behaviour when submitted to localised lateral forces. The effect of local denting on the com-

pressive load capacity of a tubular member is studied by Ellinas [29].

The model used for the local denting of such tubular members is later improved and described

by Suh [73], Wierzbicki and Suh [87] or Hoo Fatt and Wierzbicki [35]. In those contributions, the

authors introduce and describe a realistic deformation pattern of a tubular member submitted to

a localised lateral load (Fig. 1.20). Using the principle of virtual velocities and plastic theorems,

closed-form expressions are developed to assess the deformation of the cylindrical member for a

given load. The effect of boundary conditions is also considered by applying rotation or axial

displacement constraints at the tubular member extremities, and is demonstrated to have a large

effect on the resistance to lateral loadings. The developed expressions are successfully validated

by comparison with experimental results.

Figure 1.20: Dented cross-section, as modelled by Hoo Fatt and Wierzbicki [35]

While only local denting occurs for small indenter penetration, a global deformation is ac-

tivated for larger ones, involving a plastic mechanism and a global deformation of the whole

impacted tubular member. This phenomenon is described by analytical formulations developed

by Paik et al. [55], taking into account several parameters such as the tubular member length,

its diameter and thickness and the denting location.
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1.3 Aim of the research

The state of the art detailed above confirms that the behaviour of impacted tubular members

has been already investigated with experimental, numerical or analytical methods.

Ship impacts on complete OWT jackets are mainly investigated with numerical analyses that

provide a good understanding of the collided jacket structural response and allow to identify the

main governing parameters. As discussed, FE simulations provide accurate results but they are

time-demanding.

Experimental tests are expensive and can hardly be performed to design a jacket against

ship impacts. As only few ship collisions on OWT jackets have been recorded, empirical laws

have not been developed.

Today, numerical methods seem therefore to be the main approach to assess the crashwor-

thiness of an OWT jacket.

However, hundreds or thousands of collision scenarios have to be investigated to perform a

complete collision risk analysis. In a pre-design stage, the geometrical and mechanical properties

of the jacket are still to be defined, and all the collision scenarios have to be computed for

several jacket designs. FE simulations are thus not convenient for this pre-design stage, as the

computation time required would be too long.

It appears that a tool able to assess quickly the crashworthiness of an OWT jacket is missing.

The purpose of this thesis is to answer this issue by developing a simplified method based an

analytical approach to assess quickly the resistance of such collided structures. This method has

to be suitable for a pre-design process and to identify the most critical collision scenarios for a

given jacket design. Those scenarios could be then investigated in more details with FE models.

The purpose of this tool is not to replace other design methods, such as FE analyses, but is a

useful complement during the first design steps.

DNV standard [21] requires to investigate collisions of 14 MJ (sideways impact) or 11 MJ

(bow or stern impact), which is much lower than the collisions reported by Kvitrud [43] going up

to 70 MJ . For the present thesis, it was decided to consider collisions up to 75 MJ corresponding

to a ship with a 6, 000 tons displacement and an initial velocity of 5 m/s. To be conservative

with regard to the jacket, the striking ship will be considered as rigid, such as all the initial ship

kinetic energy is dissipated by the collided OWT jacket alone.

The developed method is based on the upper-bound theorem associated with a plastic limit

analysis. Assumptions on the deformation pattern of the impacted structure are required to

use this theorem. FE simulations are thus performed to analyse the structural behaviour of the

jacket and to identify the main deformation modes.
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Closed-form expressions can then be derived to assess the resistance with regard to the ship

penetration for all the identified deformation modes. The developed expressions are validated

with FE simulations performed with LS-DYNA.

As the four identified deformation modes may occur simultaneously during a collision, an

algorithm based on the so-called “continuous element method” has to be implemented to com-

pute the total resistance of the jacket and take into account the interactions between all of them.

The validation of the algorithm is achieved by comparing the results with FE simulations.

Several articles have been published by the author regarding the developed method, including

the analytical developments used to describe the behaviour of some jacket component such as

the impacted tubular members (Buldgen et al. [14]), the deformation due to punching (Pire et

al. [62]) or the deformation at the base of the jacket (Pire et al. [61, 62]), the global algorithm

(Pire et al. [60] and Le Sourne et al. [46]), or the numerical validation (Pire et al. [60]).

The same approach is followed by several researchers in the University of Liège (Belgium)

and ICAM Engineering School in Nantes (France), under the supervision of Prof. Philippe

Rigo and Prof. Hervé Le Sourne. Ship collisions on OWT monopiles and on floating OWT are

investigated by Ms. Andreea Bela [8, 9] and Ms. Sara Echeverry Jaramillo [22] respectively.

Several Master Thesis related to ship collisions on offshore structures were also achieved in these

two institutions, such as Mr. Andres Barrera Arenas [7], Mr. Jose Babu Maliakel [49], Ms. Jing-

Ru Hsieh [36], Mr. Pierre Berthonneau [10], Mr. Anthony Soret [72] and Mr. Pyae Sone Oo

Yeye [89].
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1.4 Structure of the thesis

The present thesis is divided into 9 Chapters, each of them having its own bibliography.

Chapter 1 Introduction and state of the art:

This Chapter presents the context of the research and describes the existing

scientific work related to ship collisions. Based on the state of the art, the

objectives of the thesis are defined and the structure of the thesis is described.

Chapter 2 Collision risk analysis for offshore structures:

This Chapter provides the theoretical background of both methods used in

this thesis, namely the FE method and the analytical method.

Chapter 3 Ship collision on offshore wind turbine analysis:

The geometrical description of both the collided jacket and the striking ship

is detailed. The numerical assumptions to model the collision are discussed.

Finally, four deformation modes of the collided jacket are identified and de-

scribed.

Chapter 4 Local crushing of impacted tubular members:

The analytical developments performed to assess the crushing force and the

dissipated energy of the tubular members impacted by the ship stem or bulb

are detailed and validated by comparison with FE simulations.

Chapter 5 Global deformation of the whole jacket:

This Chapter describes the algorithm, similar to FE one, developed to compute

the deformation of the whole impacted jacket, including the buckling of the

compressed tubular members. The results are validated by comparison with

FE simulations.

Chapter 6 Punching of legs by compressed braces:

Semi-analytical expressions are derived to compute the resistant force and

dissipated energy of a leg punched by a compressed brace. The methodology

used to consider the punching process on the whole jacket is also detailed.

Similarly, a validation process is performed.

Chapter 7 Deformation at the base of the jacket:

During a collision, a significant part of energy is dissipated near the foundation

level, which is investigated in this Chapter. As for the other deformation

modes, validation is performed.

Chapter 8 General algorithm to assess the crashworthiness of an OWT jacket:

The general algorithm used to compute the total resistance of the collided

OWT jacket is fully described. It combines all four deformation modes and

their interactions. Validation is finally performed by comparison with FE

simulations.

Chapter 9 Conclusions and perspectives:

This Chapter summarises the thesis and lists my personal contributions. Some

perspectives of research are also discussed.
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Chapter 2

Collision risk analysis for offshore

structures

Abstract:

As explained in the previous Chapter, a complete collision risk analysis
has to be performed for each new offshore project. The notion of risk
includes both the probability of a collision to occur and the damage
caused by that collision.

Even if computing the probability of collision is not the purpose of the
present thesis, the basic background is introduced.

Two methods for computing the resistance and the damage on the col-
lided offshore wind turbine are used in the thesis, namely the finite ele-
ment method and the plastic limit analysis (analytical approach). First,
the use of finite element approach within the thesis is presented. Then,
the theoretical background of the analytical developments is detailed.
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2.1 Introduction

Collisions are becoming a main issue for the design of several transport vehicles. For years

now, cars are designed to protect the driver, passengers and people hit by the vehicle, and

advertisements related to the safety are often used to promote the car.

Collisions have also to be considered when designing offshore structures, and in our context

OWT jackets. In the case of ship impact, the damage could be a minor local dent near the

impact area but could lead to a collapse of the overall structure for a large energy impact.

In addition to a loss of electricity production, human lives may be endangered and ecological

damage may occur if the wind turbine tower collapses on the striking ship. For those reasons,

a complete collision risk analysis has to be performed for each offshore wind farm project.

The notion of collision risk combines both the probability of having a collision and the

damage caused by that collision for all the scenarios that could occur. A scenario with a low

probability but high damage could have a similar risk than a scenario more likely to occur but

leading to few damage.

risk = probability × damage (2.1)

The probabilistic aspect is not the purpose of the present thesis, only a quick overview will

be given in Section 2.2. Computing the damage related to a given collision scenario corresponds

to the research goals. This can be achieved by several methods that are reviewed and discussed

in Section 1.2. Two of them used in the thesis, namely finite element and simplified analytical

methods, are more detailed in Section 2.3.

2.2 Assessment of collision events probability

Collision risk is widely investigated by Vinnem [9] and a methodology to compute the probability

of collision is described. The main features are exposed here.

As a first step to compute the probability of collision, the vessels categories that may navigate

within a navigation lane close to the wind farm, as discussed in [7], have to be identified. One may

note the merchant vessels, fishing vessels, offshore supply vessels (OSV), warships, submarines

and floating units such as drilling rigs, crane vessels or barges, for example.

For each of them, the volume of passing vessels during a given period can be estimated based

on observations. Even if traffic lanes are defined for navigation, it could happen that a vessel

deviates from this line due to technical problems (engine failure leading to drifting, navigation

instruments errors, . . . ), human error or bad weather conditions (wind, waves, current, . . . ).

Statistical data are here again available on the real position of vessels with regard to the nav-

igation lanes (a normal distribution is given in Fig. 2.1 as an example [9]). OSV are treated
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differently as they navigate within the wind farms to perform the maintenance operations on

the turbines.

Figure 2.1: Lateral navigation patterns normal distribution [9]

At some point, the wind farm enters in the radar or visual coverage and the ship may recover

a safe route. The ship recovery may fail due to three factors [9]:

• No reaction by the vessel crew;

• Erroneous action by the crew;

• Technical problem (engine, radar detection, . . . ).

For those three factors, probability of ship recovery failures are given based on statistical

data, as illustrated in Fig. 2.2.

Figure 2.2: Typical recovery failure probabilities [9]

Combining the volume of vessels around the wind farm, the distribution of route deviation

with regard to the navigation lanes and the probability of recovery failure for each type of vessel,

the probability of collision may be computed.

2.3 Existing methods to assess the crashworthiness

As described in Section 1.2, four types of design methods exist to assess the resistance of OWT

jackets impacted by a ship.
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In the framework of this thesis, experiments cannot be performed, and developing empirical

laws is not the purpose of this research. Only FE and simplified analytical methods based on

plastic limit analysis are considered and are discussed in the next Sections.

Those methods were already reviewed by Buldgen [1] in his PhD thesis. The main elements

are reported here.

2.3.1 Finite element method

In the present thesis, FE simulations are used to validate the semi-analytical developments. The

main theoretical background of the FE method in the framework of ship collisions is therefore

introduced in Appendix A.

All the FE models are built using the pre-processor PATRAN (MSC) and solved with the

commercial software LS-DYNA (LSTC), which is widely used worldwide for collision simulations.

2.3.2 Plastic limit analysis approach

The theoretical background of the simplified analytical approach developed in the framework of

this PhD thesis is based on an energy balance. It states that, at the end of the collision process,

the whole initial kinetic energy of the striking ship has been dissipated into internal energy by

the collided jacket. Mathematically, this equilibrium is expressed by Eq. 2.2

Ek = Eint (2.2)

where Ek is the initial kinetic energy of the striking ship and Eint is the internal energy dissipated

by the collided jacket.

Here, it is assumed that the striking ship is perfectly rigid. In practice, part of the energy is

also dissipated by the ship deformation, as represented in Fig. 2.3. In this Figure, the impact

force is represented on the vertical axis while the deformation is represented on the horizontal

one, with the ship on the left and the collided structure, denoted as “Installation”, on the right.

The energy dissipated corresponds to the grey area below the curve. The distribution of energy

between the ship and the structure depends on their relative rigidity: the stiffer suffers less

deformation and dissipate less energy.

Le Sourne et al. [5] performed FE simulations of ship collisions on OWT jackets with several

types of striking ships and considering both the ship and the jacket as deformable. It was

demonstrated that, when an OSV is considered, 80% of the energy is dissipated by the striking

ship and only 20% by the struck jacket. On the other hand, when an ice class bulk carrier side

shell collides the jacket, only 20% of the energy is dissipated by the ship and 80% by the jacket.

The validity of the assumption of rigid ship depends therefore on the type of striking ship

and on its internal reinforcement. However, considering the ship as rigid is conservative with
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Figure 2.3: Energy dissipated by the ship and the structure [8]

regard to the jacket because this one has to dissipate the whole energy, without any contribution

of the ship. Similar assumption of rigid ship was done by Buldgen et al. [2, 3] for ship collisions

on plane and mitre gates.

The second assumption in Eq. 2.2 consists in stating that no other energy dissipation mode

than jacket deformation occurs during the collision, such as for example friction between the

ship and the jacket. Similarly to the first assumption, this hypothesis is conservative with regard

to the jacket.

The two terms of Eq. 2.2 have now to be evaluated in order to develop analytical methods.

The value of the initial ship kinetic energy was discussed in Chapter 1. It is therefore

decided to consider collision energies up to 75 MJ , which corresponds to a 6, 000 tons (added

mass included) ship at a velocity of 5 m/s.

The energy dissipated plastically during a collision is computed using limit plastic analysis,

as described by Jones [4]. The exact solution in terms of mechanics should satisfy three con-

ditions, namely the equilibrium, the constitutive and compatibility equations. In practice, two

methodologies are used:

• The lower-bound method:

This method provides solutions that satisfy the equilibrium and the yield criteria and are

called statically admissible. The internal energy computed with this method is lower than

the exact energy. It is usually possible to find an infinity of solutions that meet both

requirements.

• The upper-bound method:

This method provides solutions that satisfy the equilibrium and the compatibility criteria

and are called kinematically admissible. The internal energy computed with this method

is larger than the exact energy. It is usually possible to find an infinity of solutions that

meet both requirements.

In the next mathematical developments, based on the upper-bound method, additional as-

sumptions are performed:
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• The next theorem is valid for small displacements;

• The boundaries are assumed to be fixed. In the case of the collided jacket, it is therefore

assumed that no displacements occur in the foundations.

We now consider a solid initially defined as Ω0 moving to a configuration Ω during a collision

(see Fig. 2.4). The displacement from Ω0 to Ω is arbitrary chosen within all the kinematically

admissible possible solutions. During the collision, the initial volume V becomes v.

Figure 2.4: Solid kinematically admissible deformation during a collision [1]

The point I0 in Ω0 and with coordinates (X1, X2, X3) moves to position I in Ω and its

coordinates are (x1, x2, x3). The displacement and velocity fields (u and u̇) between I0 and I is

assumed to be kinematically admissible. Their components ui and u̇i are defined in Eq. 2.3.

xi = Xi + ui(X1, X2, X3)⇔ ẋi = u̇i(X1, X2, X3) (2.3)

Ω is submitted to the forces acting at the boundaries and to the collision force denoted P

(the force is a vector as it acts in 3 dimensions). As the boundaries are assumed to be fixed, no

displacement occurs and no work is created. The only work acting on Ω is therefore due to the

collision force P . If we denote the ship velocity as δ̇, the external work rate Ẇ is expressed in

Eq. 2.4.

Ẇ = P · δ̇ (2.4)

The internal energy rate Ėint of the solid is computed in Eq. 2.5.

Ėint =

∫∫∫
v

[σ] · [̊a] dv åij =
1

2

(
∂u̇i
∂xj

+
∂u̇j
∂xi

)
(2.5)

where v is the volume of Ω, [σ] is the Cauchy stress tensor and [̊a] is the Rivlin-Eriksen rate of

the Almansi strain tensor (see [1] for more details).
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As discussed above, it is assumed that the whole initial kinetic energy is dissipated by the

jacket alone. Therefore, one can write Ẇ = Ėint that allows to compute the collision force P .

This theory is valid only for small displacements. However, in the event of a ship collision

on an OWT jacket, the jacket will suffer displacements that cannot be assumed as small. In

order to deal with finite displacements, the so-called upper-bound method was developed.

With regard to the theory presented above, the major difference consists in integrating the

internal energy rate Ėint on the initial volume V of Ω0 instead of the deformed configuration Ω.

This assumption will lead to formulations that can be solved analytically and provide closed-form

solutions for the collision force. Working on the initial configuration of the structure requires

also to choose consistent stress and strain tensors, as given in Eq. 2.6.

Ėint =

∫∫∫
V

[S] · [Ė] dV Ėij =
1

2

(
∂u̇i
∂Xj

+
∂u̇j
∂Xi

+
∂uk
∂Xi

∂u̇k
∂Xj

+
∂uk
∂Xj

∂u̇k
∂Xi

)
(2.6)

where [S] is the second Piola-Kirchhoff stress tensor and [Ė] is the Green strain rate tensor.

Using a real material stress-strain law, involving the elastic part, yielding, strain hardening

and necking to rupture, in Eq. 2.6 would lead to expression that cannot be solved analytically.

Additional hypothesis is therefore performed on the material behaviour; it is assumed that the

material is rigid - perfectly plastic, as represented in Fig. 2.5. Doing so consists in neglecting all

the elastic deformation.

Figure 2.5: Real (1) and modelled (2) material law [1]

The flow stress can be considered as equal to the yielding stress σ0. However, this assumption

is too conservative for some authors, such as Zhang [10] or Lützen [6], who suggest to use the flow

stress equal (σ0 + σu)/2. With this assumption on the material law, Eq. 2.6 may be expressed

using the equivalent Green-Lagrange strain rate Ėp, as done in Eq. 2.7.

Ėint =

∫∫∫
V

σ0 · Ėp dV (2.7)

This final expression will be later used in the thesis to compute the collision resistant force.
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Chapter 3

Ship collision on offshore wind

turbine jacket analysis

Abstract:

Before developing the analytical formulations to assess the crashworthi-
ness of an OWT jacket impacted by a ship, the structural behaviour
has to be clearly identified, which is the aim of this Chapter. Numerical
simulations are therefore performed with the LS-DYNA FE software.

First, the geometry of the striking ship, including its stem and bow, and
of the jacket as well as the collision scenario definition are described. The
numerical model is discussed and several simulations allow to determine
that parameters, such as gravity loads, turbine and tower effect or the
soil stiffness, have few influence on the jacket response to a collision.

Based on the results, four deformation modes are identified, which are
further used as the basis for the main developments of the thesis.

Finally, a material failure criteria of a component is introduced in the
material model to investigate the effect of rupture. This later is shown
to have limited influence on the jacket structural behaviour to collision.
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3.1 Introduction

The purpose of the present thesis is to provide analytical formulations in order to quickly assess

the crashworthiness of an OWT jacket impacted by a ship. As a first step, the structural

behaviour of such a structure collided by a ship has to be analysed and the most determinant

parameters that govern the resistance have to be identified.

As discussed in Chapter 1, full-scale experiments cannot be performed, as any ship or jacket

owner would not accept to cause voluntary damage on their structures. Physical scaled models

are also difficult to perform as all the parameters (geometry, mechanical properties, mass, . . . )

cannot be adapted respecting all scaling rules. Therefore, numerical simulations, such as FEA,

are the only way to model the jacket response to a ship collision (Fig. 3.1). Nevertheless,

this methodology presents some limitations as some physical phenomena are difficult to model

properly, such as for example the rupture or the presence of welding lines used to connect

elements. However, it is agreed that using numerical models is quite reliable. In addition, the

increasing power of computers allows admissible computation times.

Figure 3.1: Example of a collision numerical simulation

Several authors performed FE simulations to model the collision of a ship on a part or on

a complete offshore structure, amongst them Storheim and Amdahl [9], Vredeveldt et al. [13],

Travanca et al. [11], Cho et al. [2] or Le Sourne et al. [6]. In this last reference [6], the influence

of several parameters on the structural behaviour of the impacted offshore wind turbine jacket

is investigated.

In Section 3.2, the striking ship and jacket numerical models used for this thesis are presented.

Then, based on the researches performed by Le Sourne et al. [6], the determinant parameters

for the jacket response to a collision are identified. A mesh size sensitivity analysis is then

performed and discussed. The numerical simulations allow to identify four deformation modes
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for which analytical formulations will be developed in Chapters 4 to 7. Finally, the effect of

rupture criteria on the numerical results is investigated.

The data and results presented in this Chapter will be used as a reference in the next

Chapters.

3.2 Collision description

The striking vessel, the collided OWT jacket and the collision scenario have to be defined before

developing the analytical formulations to assess the crashworthiness.

3.2.1 Striking ship description

The ship stem (Fig. 3.2) is idealised at its upper deck as a parabola described by its two radii

(p, q) and its center S. The stem and side angles are denoted by φb and ψb respectively while

the height of the stem is denoted hb.

Figure 3.2: Striking ship stem dimensions

The equation of the parabola P corresponding to the intersection of the ship stem and the

horizontal plane at the altitude zs is given by Eq. 3.1.

P ≡ x2
s

(q − zs cotφb)2
+

y2
s

(p− zs cotψb)2
= 1 ; −hb ≤ zs ≤ 0 (3.1)

The striking ship bulb is idealised as semi-ellipsoid, as can be seen in Fig. 3.3, with radii

(pbulb, qbulb, hbulb/2). It is described with Eq. 3.2.
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Figure 3.3: Striking ship bulb dimensions

B ≡
x2
b

q2
bulb

+
y2
b

p2
bulb

+
z2
b

(hbulb/2)2
= 1 (3.2)

The dimensions of a bulbous bow are represented in Fig. 3.4.

Table 3.1 lists all the data required to fully describe the striking ship geometry. The data

followed by ? are not required for non-bulbous bows.

Table 3.1: Input data for the striking ship (? not required for non-bulbous bows)

Description Notation

Stem elliptic radius 1 p
Stem elliptic radius 2 q
Stem height hb
Stem angle φb
Side angle ψb
Bulb elliptic radius 1 ? pbulb
Bulb elliptic radius 2 ? qbulb
Bulb height ? hbulb
Shift of bulb with regard to stem ? xbulb
Ship total height ? hship

Both non-bulbous and bulbous ships corresponding to real OSVs, represented in Figs. 3.5 and

3.6 respectively, are considered in the present thesis. Their dimensions are given in Tables 3.2

and 3.3 respectively.

In all the simulations, the striking ship is considered as rigid. Describing the internal stiff-

ening system is therefore useless.
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Figure 3.4: Bulbous bow dimensions

Figure 3.5: Non-bulbous bow finite
element model

Figure 3.6: Bulbous bow finite element model

Table 3.2: Main dimensions of the non-bulbous striking ship stem

Property Notation Unit Value

Elliptic radius 1 p m 6
Elliptic radius 2 q m 8
Total height 2 hb m 7
Stem angle φb deg 78
Side angle ψb deg 74
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Table 3.3: Main dimensions of the bulbous striking ship

Property Notation Unit Value

Stem elliptic radius 1 p m 11.5
Stem elliptic radius 2 q m 32
Stem height hb m 16.8
Stem angle φb deg 59.7
Side angle ψb deg 82.9
Bulb elliptic radius 1 pbulb m 1.9
Bulb elliptic radius 2 qbulb m 6
Bulb height hbulb m 9.1
Shift of bulb xbulb m 22.5
Ship total height hship m 25.9

3.2.2 Collided offshore wind turbine jacket description

The jacket presented in Fig. 3.7 corresponds to a real structure designed and built by STX

France [10]. Its geometrical and mechanical properties were provided by the company in the

framework of the CHARGEOL project. The main dimensions of the jacket and its tubular

members are given in Table 3.4.

Figure 3.7: Dimensions of the collided OWT jacket

It is assumed that the foundation consists in piles installed into sleeves and connected with

a cement grout, as depicted in Fig. 3.8. The model proposed in this Chapter does not take into

account the elements located below the top level of the foundation, only the elements above the

foundation are modelled.
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Table 3.4: Dimensions of the investigated collided jacket

Property Notation Unit Value

Total height Ht m 55
Width at bottom Wb m 25
Width at top Wt m 6.4
Altitude of braces - legs
connections

H1, H2, . . . ,Hn m 2.5− 22− 36− 46.5− 55

Ratio between external
diameter and thickness
of legs

De,leg/tleg − 26

Ratio between external
diameter and thickness
of braces

De,brace/tbrace − 13

Figure 3.8: Ship - OWT jacket collision
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The model of this structure was built for numerical simulations with PATRAN and with

MATLAB for the analytical ones. Both are presented in Fig. 3.9 and show some differences.

Figure 3.9: Collided OWT jacket PATRAN (left) and MATLAB (right) models

The first model was built with PATRAN in order to create a FE model that is then solved

with LS-DYNA. This model is very close to the real structure in terms of geometrical and

mechanical properties. The jacket is split into several parts, represented by different colors on

the model (Fig. 3.9), allowing to provide specific mechanical properties for each of them and to

post-process the results independently.

The second one is built with MATLAB and is used for the semi-analytical model, which is

the purpose of the present thesis. The connections between legs and braces are slightly simplified

as the gap between the connection of two braces on a leg is neglected. This assumption allows

for a reduced number of elements and therefore a reduced computation effort to assess the

global deformation of the whole jacket, as will be discussed later in Chapter 5. However, even

if the gap is neglected for the global deformation, its value is used to compute the cross-section

deformations due to punching in the leg - braces connections, as detailed in Chapter 6.

Three material laws are considered in the thesis, two for the semi-analytical model and one

for the numerical validation:

• Rigid-perfectly plastic

This material law, represented in Fig. 3.10, is used for the analytical developments pre-

sented in Chapters 4, 6 and 7. The choice of this material law is performed in order to

obtain closed-form formulations. Indeed, as discussed in Section 2.3.2, considering either

an elastic part or hardening would provide expressions that cannot be solved analytically.
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• Elastic-perfectly plastic

This material law is represented in Fig. 3.11 and is considered in Chapter 5 related to the

overall motion of the structure. As will be discussed later on, the formulations can easily

deal with the elastic part. In addition, the overall motion deformation mode will be the

only one in which the elastic domain is considered.

• Elastic-plastic with a power hardening model

This law, represented in Fig. 3.12, is considered for the numerical simulations used for the

validation and aims to correspond to a realistic material behaviour (except that rupture

of material is not included).

The power hardening law is expressed in Eq. 3.3, with a strength parameter of 600 MPa

and an exponent n of 0.21.

σh = k (εyp + εp)n (3.3)

where εyp is the elastic strain to yield and εp is the effective plastic strain (logarithmic).

Figure 3.10: Rigid-plastic material law Figure 3.11: Elastic-plastic material law

In order to take into account hardening in the rigid-plastic and elastic-plastic material laws,

the flow stress σ0 is considered to be the mean value between the yielding stress σy = 255 MPa

and the ultimate stress σu = 380 MPa, i.e. σ0 = 317.5 MPa.

All the material parameters are summarised in Table 3.5.

3.2.3 Collision scenario description

The collision scenario between a given striking ship and the collided jacket is defined by the

initial impact point and the direction of the ship.

The elevation of the contact point is defined in Fig. 3.13 by the parameter H. The ship

trajectory is represented in Fig. 3.14 by the line described by an angle α and passing through a
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Figure 3.12: Elastic-plastic with a power hardening model material law

Table 3.5: Material laws parameters for the investigated collided jacket

Property Notation Unit Value

Yielding stress σ0 MPa 255
Flow stress σ0 MPa 317.5
Ultimate stress σu MPa 380
Young modulus E MPa 210, 000
Coulomb modulus G MPa 81, 000
Poisson ratio ν − 0.3
Strength parameter k MPa 600
Strain hardening exponent n − 0.21
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point P belonging to that trajectory. It is further assumed that the ship moves only in its surge

direction, sway and heave are not considered in the present study (Fig. 3.15).

Figure 3.13: Definition of the
collision elevation (H)

Figure 3.14: Definition of the collision angle α

The data required to describe the collision scenario are listed in Table 3.6.

Table 3.6: Data required to describe the collision scenario

Property Notation Unit

Ship altitude H m
Ship trajectory angle α deg
Coordinates in horizontal plane of point P
belonging to the trajectory

XP , YP m

Ship mass mship kg
Ship initial velocity vship,init m/s
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Figure 3.15: Ship displacements and rotations

3.3 Key parameters governing the jacket crashworthiness

Le Sourne et al. [6] investigated the main parameters that govern the structural behaviour of an

OWT jacket impacted by a ship. Therefore, several FE collision simulations were performed,

including or not those parameters. It is worth mentioning that all the simulations are performed

without considering rupture of material.

The results were then compared to a FE reference model that consists in a jacket with four

legs considered as perfectly clamped at the foundation level, impacted by a ship at a given point.

Both the tower and the nacelle are not included in the model but their masses are represented

by a punctual mass connected to the center of the transition piece. Gravity, wind and wave

loads are neglected in this first model.

As this paper [6] was published in the framework of the CHARGEOL project, the OWT

jacket modelled is exactly the same as the one described in Section 3.2.2.

3.3.1 Gravity loads effect

The first investigated parameter was the gravity load. The numerical simulations were performed

in two steps:

1. Gravity loads:

Gravity is first applied on the model as a pre-load using an implicit calculation. The

self-weight includes the weight of the jacket itself, as well as the weight of the turbine (573

tons) and of the transition piece (66 tons), applied on top of the jacket.

This first step provides initial state of stress and strain in the structure that is used for

the second step.
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2. Crushing loads:

Then, considering the state of stress and strain resulting from the first step, the collision

process in computed with an explicit calculation.

For several striking ship initial velocities (2 m/s and 6 m/s), it appeared that the plastic

strain, the crushing force and the internal energy are similar, whatever gravity loads are taken

into consideration or not.

It can be therefore concluded that gravity loads can be neglected to compute the crashwor-

thiness of an OWT jacket impacted by a ship during the collision phase.

It is however worth mentioning that gravity has to be considered to assess the potential

tower collapse process after the collision.

3.3.2 Turbine and tower effect

The tower and nacelle influence was also investigated by taking them into account explicitly.

The tower was modelled with shell elements and connected to the transition piece. The rotating

turbine induces loads and moments that were included in the model. Finally, the mass and

inertia of the turbine were applied at the top of the tower and considered to be punctual.

Gravity loads are first applied with an implicit computation, as detailed in Section 3.3.1, before

starting the collision simulation.

The tower and nacelle have a very low influence on the jacket deformation itself. They can

be therefore neglected as long as we are focussing on the jacket deformation only. However,

modelling them properly provides relevant data on the displacement and acceleration of the

turbine.

3.3.3 Soil stiffness effect

Previous simulations were performed considering the four legs perfectly clamped at the founda-

tion level, which is conservative with regard to the jacket. Indeed, all the striking ship initial

kinetic energy has to be fully dissipated by the structure, without any contribution of the soil.

The soil stiffness influence was also investigated to check if this assumption is realistic. From

in-situ geotechnical measurements, soil stiffnesses in translation and rotation at the foundation

level were determined.

The soil stiffness was thus modelled using 6 (3 for translation, 3 for rotation) linear springs

connected to a point at the middle of each leg and at the foundation level, this point being itself

connected to the leg extremities by rigid beams, as can be seen in Fig. 3.16.

For this simulation, the tower and the nacelle are modelled as described in Section 3.3.2, and

gravity loads are applied before the collision, as explained in Section 3.3.1.
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Figure 3.16: Rotational and translational springs and connections to model the soil stiffness [6]

The results show that considering the soil as infinitely rigid (assumptions of legs perfectly

clamped) or with a finite stiffness (based on the stiffnesses obtained from in-situ measurements)

provides similar results regarding the jacket crashworthiness. The assumption of perfectly

clamped legs will thus be done for all the simulations presented in this thesis.

3.4 Finite element analysis of an offshore wind turbine jacket

impacted by a ship

Before developing the analytical formulations to compute the crashworthiness of an OWT jacket,

the collided jacket structural behaviour has to be studied. As real size experiments could not

be performed for this research, nonlinear FE simulations were performed using the LS-DYNA

FE solver.

3.4.1 Collisions assumptions

Both the striking ship, and the collided jacket are described in Section 3.2. For all the numerical

simulations performed in the present thesis, the striking ship is considered as rigid. As discussed

previously, this assumption is conservative with regard to the jacket as the whole ship initial

kinetic energy is dissipated by the jacket itself, without any contribution of the ship.

Based on the researches performed by Le Sourne et al. [6], the most determinant parameters

that govern the jacket structural response have been identified (Section 3.3). Based on this

study, the following assumptions are performed:

• Gravity loads are not included in the model.

• The tower and the nacelle are not modelled.

• All four legs are assumed to be perfectly clamped at the foundation level.
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3.4.2 Mesh size sensitivity analysis

For every numerical simulation, a mesh size sensitivity analysis has to be performed to identify

the optimal mesh size. Considering small element size provides accurate results but is also time-

demanding. On the contrary, large element size requires less computational effort but reduces

the results accuracy.

Therefore, a collision scenario was investigated for several mesh sizes for the offshore wind

turbine jacket, with mean element sizes varying from 8 to 20 cm.

The model is built with PATRAN based on the jacket dimensions described in Section 3.2.2.

All the tubular members are meshed with Reduced Integrated Belytschko-Tsay shell elements

[1, 4] (bilinear four-node quadrilateral shell with one point of integration).

The material law used for the collided jacket corresponds to the elastic-plastic with a power

hardening model law, as described in Section 3.2.2.

The considered rigid striking ship corresponds to the non-bulbous OSV presented in Fig. 3.5.

For the simulations presented in this Section, the ship is given a mass of 6, 000 tons (added mass

included) and an initial velocity of 5 m/s in its surge direction, leading to a initial kinetic energy

of 75 MJ .

The collision case investigated to determine the optimal mesh size is presented in Fig. 3.17.

Here, a leg is collided between two connections with braces.

Figure 3.17: Collision scenario used to performed the mesh sensitivity analysis
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In LS-DYNA, the contact between the striking ship and the jacket is computed with the

card (i.e. command) AUTOMATIC SURFACE TO SURFACE [4] described in Section A.3.

The collision scenario depicted in Fig. 3.17 was simulated for several mesh sizes, namely 8,

10, 12, 14, 16 and 20 cm. Zooms on the meshes taken near the connection circled in red in

Fig. 3.17 is proposed in Figs. 3.18 to 3.23 for all the mesh sizes investigated.

Figure 3.18: Mesh size 8 cm Figure 3.19: Mesh size 10 cm Figure 3.20: Mesh size 12 cm

Figure 3.21: Mesh size 14 cm Figure 3.22: Mesh size 16 cm Figure 3.23: Mesh size 20 cm

The time evolution of the resistant force for the considered collision scenario is plotted in

Fig. 3.24 for mesh sizes equal to 14, 12, 10 and 8 cm and a zoom on the maximum force period

is given in Fig. 3.25. It appears from those Figures that the curves corresponding to mesh sizes

10 and 8 cm are close and tend to converge.

In addition, the number of shell elements and the ratio tsimu/t10cm, where tsimu is the

computation time required for the considered mesh size and t10cm is the computation time for a

mesh size of 10 cm, are given in Fig. 3.26. It is worth mentioning that all the simulations were

performed using the same computational power.

As expected, the computational effort increases with the number of elements. Indeed, a

smaller mesh size requires also a smaller time step in order to meet the Courant-Friedrichs-
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Figure 3.24: Time evolution of the resistant force for the investigated mesh sizes for the given
collision scenario

Figure 3.25: Time evolution of the resistant force for the investigated mesh sizes for the given
collision scenario (zoom on the time interval where the force is maximum)
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Lewy [3] condition (CFL). In addition, the contact is evaluated in LS-DYNA by computing the

distance between the striking ship nodes and the jacket ones. Obviously, an increased number

of nodes induces a larger number of node distances to compute at each iteration.

Figure 3.26: Number of jacket shell elements and computation time ratio for the investigated
mesh sizes for the given collision scenario

From the presented results, it appears that a mesh size of 10 cm is the best compromise

between results accuracy and computational effort.

3.5 Deformation modes of the impacted offshore wind turbine

jacket

The collision scenario described in Fig. 3.17 was computed with LS-DYNA for an initial striking

ship kinetic energy of 75 MJ , including all the numerical assumptions discussed in Section 3.4.

The corresponding effective plastic strain is given in Fig. 3.27, where all the areas depicted

in red correspond to an effective plastic strain larger than 1%. This color code is similarly used

in Figs. 3.28 to 3.32.

3.5.1 Description of the deformation modes

Based on the results obtained for this scenario and performing other numerical simulations

considering other impact points and collision angles, four deformation modes are identified,

each of them being treated independently in a dedicated Chapter, namely:
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Figure 3.27: Effective plastic strain on the whole collided jacket

• Local crushing of impacted tubular members (Chapter 4);

• Global deformation of the whole jacket, including the buckling of compressed braces (Chap-

ter 5);

• Punching of legs by compressed braces (Chapter 6);

• Deformation at the base of the jacket (Chapter 7).

The next Figs. 3.28 to 3.32 correspond to the collision scenario depicted in Fig. 3.17.

Local crushing of impacted tubular members

During a collision, the first deformation mode occurs near the contact area and consists in

the local crushing of the impacted tubular member. The extent of the crushed area increases

with the ship penetration, and plastic hinges appear both at the impact point and at the tubular

member extremities for a given penetration.

Local crushing of the impacted tubular member can be seen in Fig. 3.28.

This deformation mode will be investigated in Chapter 4.
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Figure 3.28: Local crushing of the impacted tubular member deformation mode

Global deformation of the whole jacket

The collided jacket will also suffer a global deformation. Indeed, all the tubular members

are connected, and the crushing force is transmitted from the impact point to the foundations

through all the tubular members that compose the jacket. Many braces are submitted to com-

pressive forces and may buckle.

An overall motion of the whole structure therefore occurs, as can be seen in Fig. 3.29 in a

jacket top view before and after the collision (displacement scale factor of 5, impacted tubular

member removed from the Figure). As can be seen, the top part of the jacket, corresponding to

the transition piece, rotates during the impact.

Figure 3.29: Initial position of the jacket (left) and global displacements after the collision
(right)

The global deformation of the structure will be treated in Chapter 5.
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Punching of legs by compressed braces

From the numerical results, it appears that local deformation, namely punching, may occur

on a leg near the connection with compressed braces (see Fig. 3.30), on both impacted or rear

legs. Several connections may be affected during one single collision, as can be seen in Fig. 3.31,

where the areas circled in red on the legs are punched.

Figure 3.30: Punching of leg by compressed
brace deformation mode

Figure 3.31: Punching on the whole collided
jacket

The analytical formulations for the punching deformation mode are developed in Chapter 6.

The characterisation of the punching process at one connection and the distribution of punching

over the whole jacket are also described in Chapter 6.

Deformation at the base of the jacket

Looking at the numerical results, large effective plastic strain appear near the foundation

level. On the rear leg, local buckling occurs and the resulting deformed leg has a shape looking

like an “elephant foot”, as can be seen in Fig. 3.32 (displacement amplification factor of 5).

Significant elongation appears on the impacted leg.

This deformation mode is investigated in Chapter 7.

3.5.2 Discussion on the braces properties

As given in Table 3.4, the braces of the studied jacket have a ratio external diameter / thickness

equal to 13. In literature, it appears that this ratio could go over 50 for other offshore wind

turbine jackets, amongst others the structures studied by Travanca et al. [12] or Jin et al. [5].
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Figure 3.32: Deformation at the foundation level on the rear leg (“elephant foot”)

The tubular members with the largest ratio De/t are the most likely to buckle for a given

length and boundary conditions. With the investigated jacket properties, the ratio is low, which

makes the braces more resistant to buckling.

In addition, the connections between the braces and the legs are not stiffened. This allows

to limit the complexity of building the jacket and therefore its cost.

Finally, it appears that the braces are stronger than the connections. In this situation,

punching of a leg by a compressed brace appears before the buckling of this brace.

In the case of connections stronger than the braces, buckling would occur first for compressed

braces. For similar stiffnesses, both deformation modes could occur.

3.6 Effect of rupture criteria

The effect of rupture of the impacted leg during the collision event was investigated by the

author [8].

Rupture was intentionally not considered in the numerical simulations presented previously.

In order to determine the importance of this phenomenon, an erosive shear strain criterion is

considered in the elastic - plastic material law used for the jacket.

The strain threshold defined by Lehmann and Peschmann [7] is given in Eq. 3.4.

εf = εg + εe
t

le
(3.4)

where εf is the failure strain, εg is the uniform strain, εe is the necking strain and t/le is the

thickness/element size ratio. For mild steel, common values are εg = 0.056 and εe = 0.54. As

the element size le is 10 cm and the thickness t is 5 cm, the failure strain has a value of εf = 0.33.
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The failure criteria presented in Eq. 3.4 is valid only for membranes under tension, and no

other failure law for other stress states is available in the commercial code LS-DYNA. Therefore,

this failure criteria is applied only to the tubular members submitted mainly to tension.

As can be seen in Fig. 3.9, the jacket is split into several parts, and each of them can be

given a different material law.

The parts subjected to tension are located on the impacted leg, between connections of

braces on the leg. Those are the only parts where the failure criteria is considered. Indeed,

the rear leg is mainly submitted to compression. The area around the impact point suffers

large deformations that involve a complex internal efforts distribution, and the failure criteria is

therefore not applied in that zone. Finally, the parts located near the connections are punched

during the collision process, which corresponds to a large amount of shear.

Several collision scenarios for different α collision angles (0◦, 30◦ and 45◦) (see Fig. 3.14) at

the elevation given in Fig. 3.17 were performed. Considering a 75 MJ impact energy for each

of them, failure never occurred in the impacted leg whatever the collision scenario.

The effective plastic strain given in Fig. 3.27 corresponds to the collision scenario described

in Fig. 3.17 in which rupture is intentionally not considered. At the connections, the effective

plastic strain is about 20% but it reaches 80% near the impact point. Rupture is therefore

expected to occur in that zone.

Even if the internal forces distribution is more complex than pure tension in that area,

an additional numerical simulation considering the erosive shear strain criterion described by

Eq. 3.4 for the collided part is performed. A rupture strain equal to εr = 0.33 is still considered.

The corresponding effective plastic strain is plotted in Fig. 3.33.

Figure 3.33: Plastic strain of one plane of an
impacted jacket including rupture

Figure 3.34: Contact between the bow and the
connection below the impact point
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Figure 3.35: Evolution of internal energy for models with and without rupture

Considering rupture has few influence on the deformation due to punching and at the base

of the jacket. Indeed, once the impacted element fails, the ship moves forward with only few

resistance and few loss of kinetic energy. Then, the bow collides the connection located below

the impact point, as highlighted in the blue circle in Fig. 3.34. The collision force is transmitted

to the foundation system similarly to the scenarios without rupture.

However, for a given collision scenario, the ship penetration is larger when rupture is con-

sidered in the model. In the present case, the ship penetrations are equal to 3.16 m and 4.69 m

without and with rupture considered in the model respectively, as can be seen in Fig. 3.35.

Finally, it appears that the ship penetration may vary if rupture is considered or not in the

model, but the deformation modes are identical in both cases.

3.7 Conclusions

In this Chapter, FE simulations are performed in order to analyse the structural behaviour of

an OWT jacket impacted by a ship.

First of all, the FE models are detailed in terms of geometrical properties. For the ship,

mathematical expressions are given to fully describe both the stem, with a parabola at the upper

deck, and the bulb, as a semi-ellipsoid. Even if those shapes are idealised, they are quite close

to real ships bows and such geometrical assumptions remain valid for this research. The jacket

corresponds to a real jacket, designed and built by STX France, and it is modelled according to

the drawings provided by STX France in the framework of the CHARGEOL project.

Using FE simulations, Le Sourne et al. [6] investigated the effect of several parameters on

the jacket response. It appeared that gravity has a negligible effect on the jacket deformation
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during the collision process, but has a major influence in case of post-collision collapse. It was

also demonstrated that the tower and the nacelle may be omitted in the model, as long as only

the crashworthiness of the jacket is investigated. Finally, the soil-stiffness interaction with the

structure is studied, and the results showed that considering the soil as infinitely rigid, which

corresponds to consider the four legs as clamped at the foundation level, is a realistic assumption.

The jacket is modelled with Belytschko-Tsay shell elements [1, 4]. Their size is determined

with a mesh size analysis, and the optimum mesh size is determined to be 10 cm.

Based on the several collision scenarios computed numerically, four deformation modes are

identified, namely the local crushing of impacted tubular members, the global deformation of

the whole jacket, the punching of legs by compressed braces and the deformation at the base of

the jacket. For each of them, analytical formulations will be developed in the next Chapters.

Finally, failure is investigated by considering an erosive shear strain law and performing sev-

eral simulations with collision energies of 75 MJ . The results showed that the ship penetration

is larger when rupture is considered in the model, but the deformation modes identified remain

the same with and without taking rupture into account in the material law.
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[3] R Courant, K Friedrichs, and H Lewy. Über die partiellen differenzengleichungen der

mathematischen physik. Mathematische Annalen, (100(1)):32–74, 1928.

[4] JO Hallquist. LS-DYNA theoretical manual. Technical report, Livermore Software Tech-

nology Corporation, 2006.

[5] WL Jin, J Song, SF Gong, and Y Lu. Evaluation of damage to offshore platform structures

due to collision of large barge. Engineering Structures, (27):1317–1326, 2005.

[6] H Le Sourne, A Barrera, and JB Maliakel. Numerical crashworthiness analysis of an off-

shore wind turbine jacket imapcted by a ship. Journal of Marine Science and Technology,

(23(5)):694–704, 2015.

[7] E Lehmann and J Peschmann. Energy absorption by the steel structure of ships in the

event of collisions. Marine Structures, (15):429–441, 2002.

[8] T Pire, S Echeverry Jaramillo, P Rigo, L Buldgen, and H Le Sourne. Validation of a sim-

plified method for the crashworthiness of offshore wind turbine jackets using finite elements

simulations. In C Guedes Soares and Y Garbatov, editors, Progress in the Analysis and

Design of Marine Structures, Proceedings of the 6th international conference on Marine

Structures (MARSTRUCT 2017), Lisbon, Portugal, 8-10 May 2017, pages 497–505. CRC

Press, 2017.

[9] M Storheim and J Amdahl. Design of offshore structures against accidental ship collisions.

Marine Structures, (37):135–172, 2014.

[10] STX France. Energies marines. http://stxfrance.fr/bu-energies-marines/, visited

on 5th March.

[11] J Travanca and H Hao. Dynamics of steel offshore platforms under ship impact. Applied

Ocean Research, (47):352–372, 2014.

[12] J Travanca and H Hao. Energy dissipation in high-energy ship-offshore jacket platform

collisions. Marine Structures, (40):1–37, 2015.

[13] AW Vredeveldt, JHA Schipperen, QHA Nassar, and CA Spaans. Safe jacket configurations

to resist boat impact. In Leira J, editor, Collision and Grounding of Ships and Offshore

Structures, 2013.

60

http://stxfrance.fr/bu-energies-marines/


Chapter 4

Local crushing of impacted tubular

members

Abstract:

The aim of this Chapter is to present a simplified analytical method for
estimating the crushing resistance of a tubular member impacted by the
stem of a striking ship. The collision angle of the vessel is arbitrary, i.e.
oblique collisions are also considered. The two extremities of the tube
are assumed to be clamped.

To achieve this goal, closed-form expressions are first derived for the par-
ticular situations of horizontal and vertical tubular members by applying
the upper-bound method. An interpolation formula is then proposed to
get the resistance opposed by the cylindrical member for any inclination
angle.

In order to validate these theoretical developments, comparisons are
made with FE simulations. These latter are performed using the LS-
DYNA FE software. In almost all cases, the analytical prediction of the
resistance is found to be in quite good agreement with the numerical
ones.

Then, comparison is made by simulating an Offshore Supply Vessel
(OSV) collision with a full jacket. In this case, the theoretical model
is found to be insufficient for large impact energies and points out the
need of additional deformation modes.

Finally, the model is extended and validated for collisions of a striking
ship bulb on inclined tubular members.

Reference paper:

L Buldgen, H Le Sourne and T Pire. Extension of the super-elements
method to the analysis of a jacket impacted by a ship. Marine Struc-
tures, (38):44-71, 2014.
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4.1 Introduction

From Chapter 3, four deformation modes of an OWT jacket impacted by a ship were identified,

namely:

• local crushing of impacted tubular members (present Chapter);

• global deformation of the whole jacket (Chapter 5);

• punching of legs by compressed braces (Chapter 6);

• deformation at the base of the jacket (Chapter 7).

A quick look into numerical simulations results tends to suggest that most of the initial kinetic

energy of the striking ship is first dissipated by local crushing. Therefore, this deformation mode

is first investigated. The jacket is idealised as a set of individual tubes (Fig. 4.1) with particular

connections at their extremities. It is assumed here that the deformations only take place on

the tubular members in contact with the bow, all the adjacent ones being unaffected. This

hypothesis is the single restriction postulated in the present developments.

Figure 4.1: Ship - OWT jacket collision

The problem of an impact occurring on a tubular member has already been treated in the

literature by Hoo Fatt and Wierzbicki [6], Wierzbicki and Suh [11] or Zeinoddini, Harding and

Parke [12], amongst others. All these authors have considered the case of a concentrated load

acting at the mid-length of a tubular member having a length L and a radius R (Fig. 4.2(a)).

Nevertheless, this work is insufficient, as the analysis of a jacket component impacted by a ship

(Fig. 4.2(b)) is similar to the one of an eccentric oblique impact, initially located at a distance

L1 from the left support, occurring on a tubular member having an inclination χ and where the

striking direction is characterised by an angle α. Moreover, the bow shape may also have an
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influence on the deformation pattern, which is not necessarily the same as for a concentrated

force. The work detailed in this Chapter goes one step further by accounting for all these

particularities and aims to be a generalisation of what has already been done by many authors.

Figure 4.2: Description of the collision configuration

After describing the collision scenarios and introducing all variables, the analytical devel-

opments are fully described. In order to get closed-form expressions of the force - penetration

curve, two particular collision scenarios are considered, namely an impact on a vertical and

on a horizontal tubular member. The case of an arbitrary collision is treated by interpolating

the results from both previously cited particular cases. Validations of the obtained results is

achieved by comparing them with numerical simulations performed with the FE software LS-

DYNA, considering both single isolated tubular members and full jacket. Finally, the model is

extended to the case of an impact of a bulb on a cylindrical member.

4.2 Description of the collision scenario

When a ship collides the jacket of an OWT, the direction followed by the vessel and the incli-

nation of the struck tubular member are arbitrary. The collision scenario is therefore defined by

the relative position between the ship and the impacted tubular member.

Let us first consider the portion of the jacket depicted in Fig. 4.2(c) and suppose that the

cylindrical member CH is collided by the stem. By denoting C ′ the vertical projection of point

C over the horizontal plane EFGH (Fig. 4.3(a)), the vertical plane CHC ′ (Fig. 4.3(a) and (b))

containing CH is used for locating the vessel with respect to the struck cylindrical member.

A new reference frame (X,Y, Z) is defined to characterise the position of the vessel, having its

origin in C and oriented so that the horizontal X axis is normal to CHC ′ and Z is vertical.

The ship stem is described in Section 3.2.1 and its relative position with regard to the

impacted tubular member is represented in Fig. 4.4.
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Figure 4.3: Three dimensional view of the vertical plan containing the impacted tubular
member

Figure 4.4: Relative position of the striking vessel with respect to the tubular member
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It is now possible to further define the trajectory of the stem in the reference frame (X,Y, Z)

by following the point S, center of the uppermost deck parabola. In fact, the vessel is supposed

to move along an oblique straight line l (Fig. 4.4), making an angle α with the horizontal X

axis and crossing the plane (Y,Z) located at YP . The parameters YP and α are sufficient to

locate the point S along X and Y axes, but its position along vertical Z axis is still unknown.

This latter will be simply denoted by ZS , so that the three parameters (α, YP , ZS) are the data

required to completely define the relative position of the bow with respect to the cylindrical

member.

The tubular member geometry is finally described by its radius R, its thickness tp, its length

L and its inclination angle ξ with respect to the horizontal plane (X,Y ), as depicted in Figs. 4.3

and 4.4.

4.3 Impact on a vertical tubular member

4.3.1 Deformation mechanism

As a first step, let us start by analysing the particular case of an impact on a vertical tubular

member, i.e. for which ζ = π/2. The collision configuration of Fig. 4.5 shows that the tubular

member is first impacted by the uppermost deck. The impact kinematics is therefore analysed

in the horizontal plane located at Z = ZS (or zs = 0). Fig. 4.6 presents a top view of the relative

position occupied by the vessel and the tubular member when the first contact appears. For

clarity, the dimensions of the tube have been intentionally exaggerated with respect to those of

the ship.

Figure 4.5: Collision configuration for an impact on a vertical tubular member

For convenience, a new reference frame (x, y, z) located at the center of the tubular member

and parallel to (xs, ys, zs) is introduced. If we denote by (xS , yS) the coordinates of point S with
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respect to (x, y, z), then the equations of curves P and C respectively describing the stem and

the tubular member in the horizontal plane zs = 0 may be obtained from Eq. 3.1:

P ≡ (x− xs)2

p2
+

(z − zs)2

q2
= 1 C ≡ x2

R2
+
z2

R2
= 1 (4.1)

By expressing that C and P are initially tangent (Fig. 4.6), the coordinates (xI , zI) of the

first contact point I can be calculated and Eq. 4.1 gives the initial position (xS , zS) of point S.

When the ship is moving forwards, for a given value of the penetration δ, the section of the

tubular member is crushed by an amount a(δ) = AI ≤ δ. From Fig. 4.6, the crushing distance

a(δ) is found by calculating the intersection A between the current position of the stem P(δ)

and the straight line OI relating the origin O to the initial contact point I. The equation of

P(δ) may be directly derived from Eq. 4.1:

P(δ) ≡ z = −q
p

√
p2 − (x− xs)2 + zs − δ OI ≡ z = x cotβ (4.2)

Figure 4.6: Collision configuration in the horizontal plane Z = ZS

The coordinates (xA, zA) of point A are the particular values for which the two equations

mentioned in Eq. 4.2 are simultaneously satisfied and it can be shown so xA is given by:

xA =
q2xs − p2(δ − zs) cotβ − pq sign(xs)

√
q2 + p2 cot2 β − (xs cotβ + δ − zs)2

q2 + p2 cot2 β
(4.3)

which may be used to calculate a(δ) = |(xI − xA)/ sinβ|. As soon as the crushing distance

is known, the next step consists in imagining a realistic deformation pattern for the tubular

member cross-section. To do so, let us consider the straight line d that is tangent to P (Fig.

4.7(a)). When δ = 0, d is going through the initial contact point I and is tangent to both C
and P. However, as the ship is moving forwards (a(δ) > 0), d remains tangent to P(δ) and

goes through the intersection point A (Fig. 4.7(a)). The angle made by d and the horizontal
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x axis, denoted by γ, is used for defining the deformation pattern of the tube cross-section.

Moreover, as detailed hereafter, considering the tangent line d and the inclination angle γ is an

approximate manner of accounting for the shape of striking stem. The expression of γ is found

by considering the equation of P(δ) given by Eq. 4.2, i.e.:

tan γ =

[
∂z

∂x

]
x=xA

⇔ γ = atan

(
p

q

xs − xA√
p2 − (xA − xs)2

)
(4.4)

where xA is given by Eq. 4.3 and xS by the initial position of the ship at the beginning of

the impact. The assumed deformation pattern related to γ is depicted in Fig. 4.7(a), where the

tubular member section is shown to be crushed over a distance a(δ) = AI. The deformation

pattern associated with a(δ) is then defined with help of the tangent line d ≡ BC and the

inclination angle γ introduced here above.

Figure 4.7: Deformation pattern of the tubular member cross-section

Let us start by considering the straight line ED perpendicular to BC and such that BD =

CD. In fact, ED is the bisection of BC and E is located at the intersection of the initial tubular

member cross-section C (Fig. 4.7(b)). By imposing symmetry condition with respect to ED,

we can simply analyse the upper half EFBD of the deforming cross-section, which may be split

into three different portions:

• The circular arc C1 ≡ EF , characterised by its radius R1 and its center O1. For a given

value of δ, the current opening of C1 is equal to π − ψ.
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• The circular arc C2 ≡ BF , characterised by its radius R2 and its center O2. For a given

value of δ, the current opening of C2 is equal to ψ.

• The straight segment BD having the same inclination γ than the tangent line d and

characterised by a total length equal to (R1 −R2) sinψ.

Considering such a deformation pattern requires the calculation of R1, R2 and ψ for defining

correctly the deformed cross-section. To do so, we can start by deriving the coordinates (xB, zB)

of point B. From Fig. 4.7(b), it can be shown that:

xB = (R1 −R) cos γ + (R1 −R2) cos(γ + ψ)

zB = (R1 +R2 −R) cos γ + (R1 −R2) + (R1 −R2) cos(γ + ψ)
(4.5)

On the other hand, as d has an inclination γ and is going through the point A, its equation

may be written as follow:

d ≡ z = xA cotβ − (x− xA) tan γ (4.6)

where xA and γ are respectively given by Eqs. 4.3 and 4.4. The angle β is defined on Figs. 4.6

and 4.7(b) with help of the initial contact point I. As B ∈ d, the coordinates (xB, zB) given in

Eq. 4.5 have to satisfy Eq. 4.6, which allows us to find a first relation between R1, R2 and ψ:

R2 =
R+ xA(cotβ cos γ + sin γ)−R1(1− cosψ)

1− cosψ
(4.7)

An additional relation may be found by assuming, as done in references [11, 12], that the ini-

tial perimeter of C remains unchanged during the crushing process. This may be mathematically

translated by the following relation:

R1(π − ψ) +R2ψ +BD = πR ⇔ R1(π − ψ) +R2ψ + (R1 −R2) sinψ = πR (4.8)

Substituting Eq. 4.7 in Eq. 4.8 leads to an explicit expression for R1 as a function ψ. It may

be shown that:

R1 =
πR(1− cosψ)− (ψ − sinψ)(R+ xA(cotβ cos γ + sin γ))

π(1− cosψ)− 2(ψ − sinψ)
(4.9)

From Fig. 4.7(b), it appears that ψ = π when the section is completely crushed. If we denote

by ψ0 the initial value of ψ when δ = 0, we may adopt the subsequent linear variation of ψ with

the penetration δ:

ψ = ψ0 + (π − ψ0)
δ

δf
(4.10)
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where δf is the final value of δ for which the section is completely crushed. The value of

ψ0 is still unknown but will be fixed later on. The deforming pattern depicted in Fig. 4.7(b) is

entirely characterised with help of Eqs. 4.7, 4.9 and 4.10 and the next step consists in deriving

the displacement field associated to this mechanism.

4.3.2 Definition of the displacement field

The goal of this Section is to define the displacement field associated with the deformation

pattern depicted in Fig. 4.7(b) and reproduced in Fig. 4.8(a), where ED is still a line of symmetry

and H is the intersection between ED and C. Let us now consider any point M belonging to

C and having the coordinates (xM , zM ) = (R cos θ,R sin θ). In the deformed configuration C′

depicted in Fig. 4.8(a), M is moved to another point N located in (xN , zN ). The perimeter of

the cross-section remaining constant, the length of HM measured along C is equal to the length

of DN in the deformed configuration C′, which writes:

DN = R(θ + γ − π/2) (4.11)

where DN is the curvilinear length between D and N measured along C′. By developing

the previous equation, it is possible to find (xN , zN ) and to calculate the displacement w(θ, δ)

of point M , i.e. the distance MN (Fig. 4.8(a)):

w(θ, δ) =
√

(xN − xM )2 + (zN − zM )2 (4.12)

Additional information related to the mathematical derivation of w(θ, δ) may be found in

references [4, 9, 11]. By taking the time derivative of Eq. 4.12, we get the velocity field ẇ(θ, δ).

So far, only the displacements taking place in the horizontal plane Z = ZS (Fig. 4.5) have

been considered. Nevertheless, it is clear that the entire tubular member is deforming during

the impact, so we need to extrapolate the velocity ẇ(θ, δ) along the vertical y axis.

This can be achieved by proceeding in a similar way than Wierzbicki and Suh [11], who

considered that the deforming portion of the tube is progressively growing with the indentation

δ. Consequently, looking at the deformation in the plane x = 0 (Fig. 4.8(b)), we can imagine

that the tubular member is linearly indented over the portion −ξ2 ≤ y ≤ ξ1, while the other

parts −L2 ≤ y < ξ2 and ξ1 < y ≤ L1 are assumed to remain undamaged:

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1− y
ξ1(δ)

)
if y ∈ [0; ξ1(δ)]

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1 + y
ξ2(δ)

)
if y ∈ [−ξ2(δ); 0]

Ẇ (θ, δ, y) = 0 if y ∈ [L2;−ξ2(δ)[∪]ξ1(δ);L1]

(4.13)

where ξ1 ≤ L1 and ξ2 ≤ L2 will be fixed later on.
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Figure 4.8: Definition of the displacement field

4.3.3 Local crushing resistance

To derive analytically the crushing resistance, the basic idea is to apply the upper-bound theorem

(see Jones [7] for more details), by supposing that the tubular member is made of a rigid-plastic

material characterised by a flow stress σ0.

As a first step, similarly to Wierzbicki and Suh [11], we suppose that the impacted tubular

member is composed of generators supported by independent rings that are free to slide on each

other without shearing (see Figs. 4.5 and 4.8(b)). As a consequence, the total energy rate Ė of

the crushing mechanism is simply given by:

Ė = Ėr + Ėg (4.14)

where Ėr and Ėg are the energy rates of the rings and the generators respectively.

4.3.3.1 Energy rate of the rings

Let us start by considering the energy rate Ėb related to the deformation of the central section

depicted in Fig. 4.7(b). The expression of Ėb can be derived by following a very similar procedure

than the one exposed in references [11, 12]. As justified by Wierzbicki in [11], Ėb is mainly due

to bending effects taking place over the cross-section. Fig. 4.7(b) shows that the curvatures χ1

and χ2 characterising the circular arcs C1 and C2 are not the same, as we have χ1 = 1/R1 and
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χ2 = 1/R2. The curvature is therefore discontinuous at the junctions C1 ∩ C1 and C2 ∩ BD,

which implies moving plastic hinges to be located at points B and F . Consequently, the energy

dissipation is due to both the modification of the curvature along C1 and C2, and the bending

effects occurring inside the moving plastic hinges, so we have:

Ėb = 2m0

(
VB
R2

+

(
1

R2
− 1

R1

)
VF +

∫ E

F
χ̇1dl +

∫ F

D
χ̇2dl

)
(4.15)

where m0 = σ0t
2
p/4 is the tubular member bending capacity per unit of length. The first and

second terms of Eq. 4.15 correspond to the energy dissipated inside the hinges B and F . These

latter are characterised by the velocities VB and VF and it can be demonstrated from Fig. 4.7(b)

that:

VB = (R1 −R2)χ̇− (π − ψ)Ṙ1 − ψṘ2 =

(
(R1 −R2)

∂ψ

∂δ
− (π − ψ)

∂R1

∂δ
− ψ∂R2

∂δ

)
δ̇

VF = R1χ̇− (π − ψ)Ṙ1 =

(
R1
∂ψ

∂δ
− (π − ψ)

∂R1

∂δ

)
δ̇

(4.16)

Similarly, the third and fourth terms of Eq. 4.15 describe the change of curvature occurring

in C1 and C2 respectively. As χ1 = 1/R1 and χ2 = 1/R2, these curvilinear integrals are quite

easy to evaluate and may be written as:∫ E

F
χ̇1dl =

π − ψ
R1

∂R1

∂δ
δ̇ ;

∫ F

D
χ̇2dl =

ψ

R2

∂R2

∂δ
δ̇ (4.17)

By introducing Eqs. 4.16 and 4.17 in Eq.4.15, a closed-form expression of Ėb is derived, where

∂R1/∂δ, ∂R2/∂δ and ∂ψ/∂δ are obtained by derivation of Eqs. 4.9, 4.7 and 4.10 respectively.

The theoretical developments performed here above are only valid for the central cross-section

located in the horizontal plane y = 0 (Fig. 4.5), but a similar procedure should be followed for

all the rings located along the vertical y axis. Nevertheless, if we want to analyse the situation

for y 6= 0, it is clear that the deformation pattern of Fig. 4.7(b) is not valid any more because

the crushing distance is not equal to a(δ) in this case. In fact, if y 6= 0, the penetration has

to be found by integrating the velocity field postulated in Eq. 4.13 with the particular initial

condition W (θ, δ, y) = 0 for δ = 0. Unfortunately, it is impossible to apply such an approach

if we want to obtain a closed-form solution. As suggested in [11], an approximate solution is

derived by calculating the bending dissipation in a section located at y 6= 0 through a linear

interpolation of Ėb. The total energy rate Ėr of the rings located along the vertical y axis is

then given by:

Ėr =

∫ 0

−ξ2
Ėb

(
1 +

y

ξ2

)
dy +

∫ ξ1

0
Ėb

(
1− y

ξ1

)
= Ėb

ξ1 + ξ2

2
(4.18)

where Ėb is obtained by using Eq. 4.15.
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4.3.3.2 Energy rate of the generators

As mentioned here above, the displacement field W (θ, δ, y) acting on a generator may be found

by integrating the velocity profile. Eq. 4.13 shows that both the length and the curvature of

the generator change when W (θ, δ, y) increases, which implies membrane and bending effects

that are difficult to evaluate analytically. A conservative hypothesis is then to neglect the

flexural energy, which means that the dissipation is entirely coming from the membrane strains

developing inside the generator. As each generator is supposed to slide freely on the rings without

shearing, the only contribution to the membrane energy rate comes from an axial elongation.

The corresponding deformation rate ε̇m is given by:

ε̇m(θ, δ, y) =
∂W

∂y

∂Ẇ

∂y
(4.19)

Consequently, the total membrane energy rate Ėm associated to a particular generator lo-

cated at the angular position θ is calculated by integrating ε̇m along the deforming part of the

tubular member:

Ėm(θ, δ) = n0

∫ ξ1

−ξ2
ε̇m(θ, δ, y)dy = n0δ̇

(
1

ξ1
+

1

ξ2

)
w(θ, δ)

∂w

∂δ
(4.20)

where n0 = σ0tp is the axial resistance of the tubular member per unit of length. Here,

w(θ, δ) is the displacement field of the central cross-section given by Eq. 4.12 and ∂w/∂δ is the

corresponding velocity. It is worth noting that Ėm corresponds to a single generator located at

a certain angular position θ. So calculating Ėg requires to account for all the generators, i.e.:

Ėg =

∫
C
Ėm(θ, δ)dl = 2Rn0δ̇

(
1

ξ1
+

1

ξ2

)∫ 2π

0
w(θ, δ)

∂w

∂δ
dθ =

(
1

ξ1
+

1

ξ2

)
Ė′m (4.21)

Since it is practically impossible to find a closed-form for Ė′m, Eq. 4.21 is solved by numerical

integration.

4.3.3.3 Virtual work principle

Once all the contributions have been calculated, Eqs. 4.14, 4.18 and 4.21 are used to find the

total energy rate:

Ė = Ėb
ξ1 + ξ2

2
+

(
1

ξ1
+

1

ξ2

)
Ė′m (4.22)

According to the virtual velocity principle ([7] for more details), the internal energy rate is

equated to the external power developed by the crushing resistance Pl(δ) of the vertical tubular

member. As depicted in Fig. 4.7(a), for a given penetration δ, the displacement of the contact
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point I is equal to a(δ). Consequently, applying the virtual work principle leads to:

Pl(δ)ȧ(δ) = Ėb
ξ1 + ξ2

2
+

(
1

ξ1
+

1

ξ2

)
Ė′m

⇔ Pl(δ) =

(
Eb
ξ1 + ξ2

2
+

(
1

ξ1
+

1

ξ2

)
E′m

)(
∂a

∂δ

)−1 (4.23)

where Eb = Ėb/δ and E′m = Ė′m/δ. The last step is then to evaluate ξ1 and ξ2. This can be

achieved by minimising Eq. 4.23:

∂Pl
∂ξ1

= 0 ;
∂Pl
∂ξ2

= 0

⇔ ξ1(δ) = min
(√

2E′m/Eb;L1

)
; ξ2(δ) = min

(√
2E′m/Eb;L2

) (4.24)

As a final remark, it is worth bearing in mind that there is still one undefined parameter.

Indeed, if we go back to Eq. 4.10, we see that the initial value ψ0 of the angle ψ remains unknown.

By comparisons with numerical simulations (see Section 4.5.2), this one is fixed to 3π/4. This

value is quite close to the one recommended in Refs. [4, 11, 12].

4.3.4 Global crushing resistance

All the theoretical developments presented in Sections 4.3.1 - 4.3.3 were carried out with the

objective of modelling a localised indentation of the cylindrical member. In other words, this

means that the tubular member is supposed to be crushed without exhibiting any beam-like

behaviour. In this case, we say that the resistance Pl(δ) is said to be provided through a local

deforming mode. However, droptests on tubular members show that for a given penetration,

the member is forced into an overall bending motion [3]. The deformations are not any longer

confined in a localised area near the impact point but affect the entire tubular member. In that

case, we say that the resistance Pg(δ) is said to be provided through a global deforming mode.

FE simulations of full-scale ship-jacket collisions show that at the beginning of the impact,

the crushing resistance of a leg or a brace is essentially coming from the local mode [8]. But as

the ship is moving forwards, the global mode is progressively activated. Consequently, there is

a switch in the behaviour of the cylindrical member. In reality, this transition is quite smooth

but in our mathematical model, the activation of the global deforming mode is supposed to

occur abruptly, for a particular value δt of the penetration. As depicted in Fig. 4.9(a), the final

resistance Pv(δ) is evaluated as follow:

Pv(δ) = Pl(δ) if δ ≤ δt ; Pv(δ) = Pg(δ) if δ > δt (4.25)

The final step to get Pv(δ) is then to evaluate Pg(δ). In fact, the global behaviour of the

tubular member may be studied with the classical theory of beams. If the extremities of the

tubular member are totally restrained, then the global resistance Pg(δ) is derived under the
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Figure 4.9: (a) Evaluation of the total resistance; (b) Activation of the global plastic
mechanism for a given penetration d; (c) Reduced cross-section

assumption of a three plastic hinges mechanism. This one is represented in Fig. 4.9(b), where

M0 is the fully plastic bending moment of the initial circular cross-section C. The thickness

tp being small in comparison with the radius R, we have M0 = 4R2σ0tp. At the beginning of

the global mode, M0 has to be reached at the two extremities of the tube, as the corresponding

sections are supposed to be undamaged. However, this is not the case for the central cross-

section, where only a reduced value ξ(δ)M0 ≤ M0 can be reached because of the crushing of

the cross-section. In fact, ξ(δ)M0 is the plastic bending moment calculated by considering the

deformed cross-section depicted in Fig. 4.7(b) for a given value of δ. So the main issue is now

to evaluate the reduction factor ξ(δ), which is a quite arduous task.

Considering the deformed tubular member section depicted in Fig. 4.7(b), it is difficult to

evaluate precisely the reduction factor ξ(δ). As suggested by De Oliveira [4], ξ(δ) may be derived

for an approximate cross-section, obtained by neglecting C2 and extending C1 till the tangent

line d. Doing so, we get the semi-circular section depicted in Fig. 4.9(c) for which it is much

easier to evaluate the plastic bending moment. Following the methodology of De Oliveira [4],

the derivation of ξ(δ) provides:

ξ(δ) =
1

2

((
δ?

2R

)2

− 1

)(
δ?

2R
− 2

)
; δ? = R− (R− a(δ)) cos(γ − β) (4.26)
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where δ? is the displacement of the symmetry point D (Fig. 4.9(c)). For a given local inden-

tation δ, the crushing force required for activating the plastic mechanism depicted in Fig. 4.9(b)

is derived by applying the classical theory of beams:

Pg(δ) =
L1 + L2

L1L2
(1 + ξ(δ))M0 (4.27)

As shown by Eq. 4.26, ξ(δ) is a decreasing function of the penetration δ, which explains the

decrease of Pg(δ) before the transition occurring at δt (Fig. 4.9(a)).

As mentioned earlier, a transition is assumed to happen when the local resistance reaches the

value required for activating the mechanism of Fig. 4.9(b). According to Eq. 4.27, the crushing

resistance writes at this moment:

Pl(δt) = Pg(δt) =
L1 + L2

L1L2
(1 + ξt)M0 ; ξt = ξ(δt) (4.28)

which means that the global mode is characterised by a central cross-section having a reduced

plastic bending moment of ξtM0, with ξt = ξ(δt).

Figure 4.10: Displacement of the central section during the global mode

In order to derive the resistance Pg(δ) when δ > δt and to define the displacements during

the overall motion of the beam, we consider the situation depicted in Fig. 4.10(a), where for

clarity, the tubular member radius has been intentionally exaggerated in comparison with the

vessel size. From this Figure, it appears that initially (i.e. for δ = 0), the first contact between
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the stem P and the ship occurs at point I. The local mode is then activated, and for δ ≤ δt,

the section is deformed in accordance with the pattern drawn on Fig. 4.7(b). When δ = δt, the

local resistance Pl(δt) is sufficient for activating the global mode. At this moment, the crushing

penetration is at = a(δt), the inclination angle is γt = γ(δt) and the approximate plastic bending

moment of the corresponding deformed cross-section is equal to ξtM0.

When δ > δt, the local crushing process is stopped and the section starts moving as a whole.

Fig. 4.10(a) shows that for a given value of δ, point A is moving to C such that AC = δ − δt ,

which causes the section to move aside. This displacement is characterised by AB = (δ−δt) cos γt

and the global deforming mode may be studied using the classical beam theory applied to the

structure depicted in Fig. 4.10(b).

During the overall motion represented in Fig. 4.10(b), the resistance Pg(δ) comes from both

bending and membrane effects. These latter are due to the development of normal tensile forces

N associated with the axial lengthening of the beam. A criterion is therefore needed to define

how the flexural and extensional contributions are interacting. According to De Oliveira [4], the

relation between the bending moment M and the normal force N in the plastic hinges may be

written as:

M = M0

(
1− N2

N2
0

)
or M = ξtM0

(
1− N2

N2
0

)
(4.29)

where N0 = 2πRσ0tp is the plastic tensile capacity of the cylindrical member. The first of

Eq. 4.29 is valid for the two extreme cross-sections, while the second has to be applied to the

central one. Using this relation and applying the classical beam theory, a closed-form expression

of Pg(δ) is obtained (Jones [7] for more details):

Pg(δ) =
L1 + L2

L1L2

(
(1 + ξ(δ))M0

(
1− N(δ)2

N2
0

)
+N(δ)(δ − δt) cos γt

)
with: N(δ) = min

(
N2

0 (δ − δt) cos γt
2(1 + ξt)M0

;N0

) (4.30)

As a conclusion, the resistance Pv(δ) developed during the impact of a vertical tubular

member is calculated by applying Eq. 4.25, in which Pl(δ) and Pg(δ) are respectively given by

Eqs. 4.23 4.30.

4.4 Impact on a horizontal tubular member

4.4.1 Deformation mechanism

Let us now investigate the particular case of an impact occurring on a horizontal tubular member,

i.e. for which the inclination angle ζ = 0 (Fig. 4.4). Fig. 4.11 presents the collision configuration,
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where the striking vessel is travelling along the line l, making an angle α with the horizontal X

axis and strikes the tubular member at a point I defined by its coordinates (XI , YI , ZI).

Figure 4.11: Collision configuration for an impact on a horizontal tubular member

P being the intersection curve between the stem and the horizontal plane located at Z = ZI ,

it is possible to find a point H such that the tangent line to P is parallel to the horizontal Y

axis. Fig. 4.11 shows that when the ship is moving along the line l, the points H and I tend to

come closer and finally occupy the same position at the beginning of the penetration. At this

moment, P is tangent to the generator g of the tubular member and Fig. 4.12(a) presents the

corresponding configuration in the horizontal plane Z = ZI .

Figure 4.12: Initial position of the stem in a horizontal and in a vertical plane

Let us also consider the vertical plane π parallel to (X,Z) and passing through H. The

intersection curve Γ between this plane and the stem is not necessarily a straight line, unless

α = 0. Similarly, when the striking vessel travels along the line l, Γ comes closer to the ring C
of the tubular member and touches C at point I at the beginning of the impact (Fig. 4.12(b)).
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Fig. 4.12 shows that closed-form solutions for YI , ZI and XI may be found by imposing a

tangency condition between P and g, but also between Γ and C. Since the resulting mathematical

expressions are quite complex, they are solved numerically by using a Newton-Raphson method.

As the crushing process is concerned, although the impact on a horizontal cylindrical member

can be treated similarly than the vertical one (Section 4.3), it is important to account for some

particularities. For a given penetration δ, the relative position between the ship and the tubular

member is depicted in Fig. 4.12. Considering the horizontal plane Z = ZI , Fig. 4.12(a) shows

that the current position I ′ of point I is located at the ordinate YI − δ sinα and that the

displacement of P along the X axis is only δ cosα. Consequently, the collision process may be

formally modelled by considering that the tubular member section located in the vertical plane

Y = YI sinα is simply crushed by the curve Γ with a penetration of δ cosα, as illustrated in

Fig. 4.12(b).

Figure 4.13: Relative position of the stem and the tube for a given penetration

Comparing Fig. 4.13(b) with Fig. 4.7(a), the two situations are seen to be nearly similar, but

this time, the coordinates (XA, ZA) of point A have to be derived by calculating the intersection

of Γ with the straight line OI. Similarly, the inclination angle γ has also to be found by

considering the tangent line d to the curve Γ. The determination of XA, ZA and γ may be

achieved by assuming that the stem is sufficiently large to consider Γ as a straight line and

therefore very close to d. Consequently, as γ is now constant for all values of δ and equal to the

initial inclination β, we simply have the following relations:

γ = β = arctan(XI/ZI) ; XA = XI − δ cosα sin2 β (4.31)

in which the coordinates (XI , ZI) are determined from the initial position of the striking ves-

sel. This result allows for the evaluation of the crushing penetration: a(δ) = |(XI −XA)/ sinβ|.
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Once γ and a(δ) have been obtained, it is possible to define how the tubular member cross-

section located in the plane Y = YI − δ sinα is likely to deform. To do so, we can imagine that

the deformation pattern of Fig. 4.7(b) is supposed to be still valid, but this time γ and XA

are evaluated by considering Eq. 4.31 instead of Eqs. 4.3 and 4.4. The three parameters R1,

R2 and ψ used for characterising the crushed section are then given by Eqs. 4.9, 4.7 and 4.10

respectively.

4.4.2 Definition of the displacement field

As the deformation mechanism of the ring located in the vertical plane Y = YI−δ sinα is formally

identical to the one considered for the case of a vertical tubular member, the displacement field

w(θ, δ) affecting this cross-section is the same than the one depicted in Fig. 4.8(a).

Figure 4.14: Extrapolation of the displacement field for any section located along the Y axis

Therefore, Eq. 4.12 still holds for deriving w(θ, δ), but the extrapolation described by Eq. 4.13

to get the velocity Ẇ (θ, δ, Y ) over the entire cylindrical member is not valid any more. Indeed,

if we refer to Fig. 4.14, the formulas given in Eq. 4.13 have to be modified in the following way:

Ẇ (θ, δ, y) = 0 if Y ∈ [0;YI − δ sinα− ξ1(δ)]

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1 + Y−YI+δ sinα
ξ1(δ)

)
if Y ∈ [YI − δ sinα− ξ1(δ);YI − δ sinα]

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1− Y−YI+δ sinα
ξ2(δ)

)
if Y ∈ [YI − δ sinα;YI − δ sinα+ ξ2(δ)]

Ẇ (θ, δ, y) = 0 if Y ∈ [YI − δ sinα+ ξ2(δ);L]

(4.32)

Here again, ξ1 and ξ2 are two parameters that will be fixed by minimising the crushing

resistance, but it is already clear that we should have ξ1 ≤ YI − δ sinα and ξ2 ≤ L−YI + δ sinα.

4.4.3 Local crushing resistance

The evaluation of the crushing resistance may be achieved by following the procedure detailed

in Section 4.3.3. The tubular member may also be considered as a set of horizontal generators

slightly connected to vertical circular rings (Fig. 4.15), so that the total crushing energy rate Ė

is still given by Eq. 4.14.
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Figure 4.15: Ring and generator of a horizontal tubular member

Furthermore, as w(θ, δ) is defined in a similar way than for a vertical tubular member, the

mathematical derivation of Ėb leads again to Eq. 4.15 - 4.17. The interpolation 4.18 to get the

total contribution of the rings Ėr is therefore still valid, as it is done in accordance with Fig. 4.14.

Similarly, the total contribution Ėg of the generators is also given by Eq. 4.21 and Eq. 4.22 is

also used to get Ė. Once the internal energy has been calculated, the virtual work principle is

applied. This latter states that Ė equals the external work rate of the crushing resistance Ph(δ).

As depicted in Fig. 4.13(b), for a given penetration δ, the contact point is moving from I to

A, so that the corresponding work rate performed by Pl(δ) is simply Pl(δ)ȧ(δ). Therefore, by

accounting for Eq. 4.31, we have:

Pl(δ)ȧ(δ) = Ėb
ξ1 + ξ2

2
+

(
1

ξ1
+

1

ξ2

)
Ė′m

⇔ Pl(δ) =

(
Eb
ξ1 + ξ2

2
+

(
1

ξ1
+

1

ξ2

)
E′m

)/
sinβ cosα

(4.33)

The derivation of ξ1 and ξ2 is achieved by minimising Eq. 4.33, so Eq. 4.24 have to be

corrected to account for the obliquity of the impact:

ξ1(δ) = min
(√

E′m/Eb;YI − δ sinα
)

ξ2(δ) = min
(√

E′m/Eb;L− YI + δ sinα
) (4.34)

This Eq. 4.34 may be used in conjunction with Eqs. 4.18, 4.21 and 4.33 to get Pl(δ), but this

has to be done in accordance with the particularities detailed in Eq. 4.31 for ζ = 0.

4.4.4 Global crushing resistance

The derivation of the resistance Pg(δ) during the global deforming mode for a horizontal tubu-

lar member can be performed by following the same procedure than the one described in Sec-

tion 4.3.4. For a given value of δ, the plastic mechanism related to the overall motion of the
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tubular member is depicted in Fig. 4.16(a), where the central plastic hinge is also characterised

by a lower plastic bending moment ξ(δ)M0.

Figure 4.16: Global plastic mechanism for a horizontal tubular member

As for the case of a vertical tubular member, the reduction coefficient ξ(δ) may be found by

applying Eq. 4.26, but we should account here for the particular definition of a(δ) as detailed in

Eq. 4.31:

ξ(δ) =
1

2

((
δ cosα sinβ

2R

)2

− 1

)(
δ cosα sinβ

2R
− 2

)
(4.35)

Similarly, for a given value of δ, the global resistance required to activate the plastic mech-

anism of Fig. 4.16(a) can be calculated by modifying Eq. 4.27 to account for the inclination

angle α. Therefore, in Eq. 4.27, L1 and L2 simply have to be replaced by YI − δ sinα and

L− YI + δ sinα to get the following result:

Pg(δ) =
L sinβ

(YI − δ sinα)(L− YI + δ sinα)
(1 + ξ(δ))M0 (4.36)

The transition from local to global deforming mode occurs when δ = δt. At this moment,

the local crushing resistance is equal to the global one calculated by applying Eq. 4.36:

Pl(δt) = Pg(δt) =
L sinβ

(YI − δt sinα)(L− YI + δt sinα)
(1 + ξ(δt))M0 ; ξt = ξ(δt) (4.37)

which means that the value reached by Pl(δ) is sufficient for activating the global mode

depicted in Fig. 4.16(a). Once the transition has occurred, i.e. when δ > δt, the resistance Pg(δ)

is no longer given by Eq. 4.36 because normal tensile forces N appear inside the two arms of the

deforming beam (Fig. 4.16(b)). In fact, when the structure is forced into the overall motion, an

axial lengthening is added to the bending effects. In the vertical case, the main difficulty is to

account for the oblique trajectory followed by the vessel (α 6= 0). This problem has been treated

by some authors, such as Tin Loi [10] or Buldgen [2]. By following the approximate theoretical
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procedure described in Ref. [2] for example, it is possible to establish the subsequent results:

Pg(δ) =
L sinβ

l1(δ)l2(δ)

(
M0(1 + ξt)

(
1− N(δ)2

N2
0

)
+N(δ)(δ − δt) cosα sinβ

)
with: N(δ) =

N2
0

2(1 + ξt)M0

(δ − δt) cosα sinβ

2

(
1 +

l1(δ)l2(δ)L

l1(δt)l2(δ)2 + l2(δt)l1(δ)2

)
l1(δ) = YI − δ sinα ; l1(δ) = L− YI + δ sinα

(4.38)

As a conclusion, the crushing resistance Ph(δ) of a horizontal tubular member during the

collision may be derived in the same way than Eq. 4.25, but Pl(δ) and Pg(δ) have to be calculated

by applying Eq. 4.33 and Eq. 4.38 respectively.

4.5 Impact on an oblique tubular member

4.5.1 Crushing resistance

It is quite difficult to handle with the mathematical expressions of the stem and of the tubular

member in the oblique case. Indeed, when ζ 6= 0 and ζ 6= π/2, it is difficult to postulate a

consistent displacement field W (θ, δ, y) representative of the cross-section deformation during

the crushing process. The main difficulty comes from the fact that the rings have an elliptic

shape and not a circular one (Fig. 4.17), so it is not easy to imagine how this section is likely to

deform when it is impacted by the stem.

Figure 4.17: Configuration of an oblique impact occurring on an inclined tubular member
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In this thesis, this issue is not solved analytically. Nevertheless, in order to evaluate the

crushing resistance P (δ) in the case of an oblique tubular member, we will simply admit that

this one can be calculated by performing a linear interpolation between the two particular

solutions Pv(δ) and Ph(δ) derived in Sections 4.3 and 4.4. In other words, we postulate that:

P (δ) =

(
1− 2ζ

π

)
Ph(δ) +

2ζ

π
Pv(δ) (4.39)

4.5.2 Numerical validation

In order to validate the mathematical developments exposed in the previous Sections, we can

check if the theoretical prediction P (δ) given by Eq. 4.39 is in accordance with numerical solu-

tions. To do so, some numerical simulations are carried out using the FE software LS-DYNA.

Two different tubular members, whose properties are listed in Table 4.1, are studied. For the

first one, typical dimensions of a jacket leg are considered, while the second may be assimilated

to a classical brace. Only two different inclinations (60◦ and 90◦) are considered for the leg

because it is quite uncommon to have ζ < 60◦ for this kind of structure. Similarly, for the

brace, it seems reasonable to keep ζ lower than 45◦. Both tubular members are supposed to be

perfectly restrained at their extremities.

Table 4.1: Properties of the two tubular members used for the numerical simulations

Property Notation Unit Leg Brace

Radius R m 0.65 0.35
Length L m 10 8
Thickness tp m 0.038 0.0127
Inclination ζ deg 60; 90 0; 30; 45

For the purpose of numerical simulations, the leg and the brace are respectively modelled

with 9100 and 7040 Belytschko-Tsay shell elements [1, 5]. The mesh is regular, with an average

element dimension of 5 cm × 5 cm. The elastic-plastic material behaviour is described by the

bilinear stress-strain curve depicted in Fig. 4.18 and by using the properties listed in Table 4.2.

At the end of the elastic phase (i.e. for σ = σ0), the material is submitted to a slow hardening

characterised by the tangent modulus ET . In reality, this phase ends by the rupture of the

material, which is not considered in the present work.

Table 4.2: Material law used for the numerical simulations

Property Notation Unit Value

Young modulus E MPa 210, 000
Poisson ratio ν − 0.3
Flow stress σ0 MPa 240
Tangent modulus ET MPa 1, 018

These two tubular members are impacted by a stem assumed to be perfectly rigid. The main

dimensions of the striking vessel are presented in Table 3.2.
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Figure 4.18: Stress-strain curve used for the numerical simulations

The relative position between the stem and the tubular member is defined by the param-

eters (YP ;ZS ;α), as depicted in Fig. 4.4. In order to check the validity of Eq. 4.39, different

configurations associated with various values have been investigated.

4.5.2.1 Impact on a leg

A lot of numerical simulations were performed in order to assess the crushing resistance of a

leg for different values of ζ, α, YP and ZS . Five scenarios described in Table 4.3 are presented

here. For the case of a vertical tubular member (ζ = 90◦), there is no need to specify a value

for because the impact problem is axisymmetric.

Table 4.3: Collision configurations for an impact on a leg

Scenario ζ [deg] α [deg] YP [m] ZS [m]

1.1 60 0 3 6
1.2 60 30 1 6
1.3 60 45 −1 5
2.1 90 / 0 6
2.2 90 / 4 6

For each scenario, the curves showing the evolution of P (δ) as predicted by Eq. 4.39 are

compared in Figs. 4.19 to 4.23 together with the ones calculated by LS-DYNA. The simulations

were arbitrarily stopped after reaching a penetration of 1 m. These Figures show a quite

good accordance between numerical and analytical results. Moreover, in almost all cases, the

analytical derivation was found to be conservative as it tends to underestimate the crushing

resistance. In fact, the maximal discrepancy was observed for scenario 2.1 (Fig. 4.22), for which

an underestimation of 25% of P (δ) was found when δ = 1 m. This may be explained by the fact

that the theoretical model tends to activate the global mode a bit too early.

As shown by some of the above Figures, the slope of the analytical curve may change sud-

denly, reflecting the transition from the local to the global deforming mode. Indeed, it is worth

recalling that the theoretical models first postulate a local crushing of the tubular member.

During this phase, the rigidity is quite important and explains why the force is rapidly growing.
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Figure 4.19: Comparison of the analytical leg resistance to the numerical one for scenario 1.1

Figure 4.20: Comparison of the analytical leg resistance to the numerical one for scenario 1.2

Figure 4.21: Comparison of the analytical leg resistance to the numerical one for scenario 1.3
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Figure 4.22: Comparison of the analytical leg resistance to the numerical one for scenario 2.1

Figure 4.23: Comparison of the analytical leg resistance to the numerical one for scenario 2.2
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This denting process ends with the development of an overall bending motion of the tubular

member, which is a more flexible deformation process and is responsible for an inflection of

the resistance curve. This change in the tube behaviour may be illustrated by Fig. 4.24, which

presents some results obtained numerically with LS-DYNA. Fig. 4.24(a) shows the deformation

of a tubular member cross-section located near the initial contact point. For a given penetration

δ of the striking vessel, a global backward movement (quantified by δg) occurs. On Fig. 4.24(b),

the total indentation δ is quite small, so the crushing process is only characterised by a local

denting δl, the rear edge of the tube remaining straight. Fig. 4.24(c) is obtained for a larger

value of δ and shows that the global mode has already been activated.

Figure 4.24: Local and global deforming modes

4.5.2.2 Impact on a brace

We also performed a great number of collisions involving the brace and the vessel described

above. The results obtained for the scenarios listed in Table 4.4 are presented. The corresponding

curves are depicted in Figs. 4.25 to 4.27.

Table 4.4: Collision configurations for an impact on a brace

Scenario ζ [deg] α [deg] YP [m] ZS [m]

3 0 45 −1 1
4 30 30 1 5
5 45 0 2 6

As shown by these Figures, the conclusions drawn for a leg are also valid for a brace. Here

again, the agreement between analytical and numerical solutions seems to be satisfactory. More-

over, in all cases, the theoretical approximation tends to be conservative. The maximal discrep-

ancy is equal to 25% and is observed for scenario 3 (Fig. 4.25).

As for the case of an impact on a leg (Section 4.5.2.1), the sudden slope change appearing

on the analytical curves is also due to the theoretical transition from local to global resisting

mode. It is worth noting that this switch is occurring sooner for braces because of a smaller

radius R compared with the legs one.
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Figure 4.25: Comparison of the analytical brace resistance to the numerical one for scenario 3

Figure 4.26: Comparison of the analytical brace resistance to the numerical one for scenario 4

Figure 4.27: Comparison of the analytical brace resistance to the numerical one for scenario 5
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4.6 Impact on a full-scale jacket

In order to have a better insight of what happens during an impact on an OWT jacket, the

FE software LS-DYNA was used to simulate a collision occurring near the top of the structure

(Fig. 4.28). The tubular members constituting the jacket described in Section 3.2.2 are mod-

elled with Belytschko-Tsay shell elements [1, 5] associated with an elastic-plastic material law

described by a similar curve than the one of Fig. 4.18. The assumptions related to the jacket

model are presented in Section 3.4.1.

Figure 4.28: Collision scenario for the impact on a full-scale jacket

The striking stem is considered as being perfectly rigid, which implies that all the collision

energy is dissipated by the support. Its total mass is close to 5, 000 tons and two different initial

velocities of 2 m/s and 5 m/s are considered for the simulations.

For an initial striking velocity of 2 m/s, only the leg is impacted by the stem (see Fig. 4.28).

In order to obtain a rapid estimation of the crushing resistance, the simplified method described

previously is applied by assuming that the collision takes place on an individual tubular member

AB characterised by the geometrical parameters introduced in Fig. 4.4. Applying the above-

mentioned mathematical approach to this isolated cylindrical member, the resistance P (δ) is

assessed for each value of the vessel penetration δ. This is achieved by applying the interpolation

Eq. 4.39 and leads to the analytical curve shown Fig. 4.29(b). Similarly, the internal energy

dissipated by the tubular member is also computed, as depicted in Fig. 4.29(a). If we compare

the present analytical curves with the ones given by LS-DYNA, we see from Fig. 4.29 that the

agreement is quite satisfactory. Even if the resistant force is underestimated at the end of the

simulation, the energy dissipation is almost correctly reproduced.

Let us now investigate the case of an initial striking velocity of 5 m/s. In such a scenario,

both the leg and the brace of Fig. 4.28 are impacted by the rigid stem. Once again, these tubular

members can be seen as isolated elements and Eq. 4.39 may be applied to get an approximation
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Figure 4.29: Comparison of (a) the internal energy and (b) the total crushing force obtained
analytically and numerically for an initial velocity of 2 m/s

of the collision resistance. Doing so leads to the curves presented in Fig. 4.30. This time, there

is a large discrepancy with the numerical solution given by LS-DYNA, as the theoretical model

drastically overestimates the energy dissipation and the collision resistance.

Figure 4.30: Comparison of (a) the internal energy and (b) the total crushing force obtained
analytically and numerically for an initial velocity of 5 m/s

This important discrepancy may be explained by the boundary conditions assumed for the

analytical derivation. Indeed, as detailed in the previous Sections, we consider that both ex-

tremities of the tubular member are strongly clamped and therefore do not move during the

collision. In other words, the hypothesis is made that the nodes A, B and C of Fig. 4.28 are

fixed. Nevertheless, this is obviously not the case as the jacket is also forced into an overall
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flexural and torsional movement (Fig. 4.31). For the smaller velocity of 2 m/s, these motions

remains quite small, which explains the quite good agreement.

Figure 4.31: Overall flexural (1) and torsional (2) movement of the jacket for a velocity of
5 m/s

Please note that, for a ship penetration up to 1 m, the FE curves computed for initial

velocities of 2 m/s (Fig. 4.29) and 5 m/s (Fig. 4.30) are similar, validating the assumption of

neglecting inertia effects and developing quasi-static formulations.

4.7 Extension to bulb-tubular member collision

4.7.1 Collision description

A jacket tubular member may also be impacted by the bulb of a striking bulbous bow. The

analytical developments presented above have to be adapted to this different colliding shape and

then validated.

The bulb is described in Section 3.2.1 and its relative position with regard to the impacted

tubular member can be seen in Fig. 4.32.

In Fig. 4.4, the angles φb and ψb are used to define the colliding bow. Equivalent angles

φbulb and ψbulb have to be identified in the case of collisions with a bulb. Therefore, the initial

collision point between the bulb and the tubular member has to be computed. This is achieved

by decomposing both the bulb and the tubular member into several horizontal slices, as shown

in Fig. 4.33. The bulb is considered to be initially far enough from the tubular member and is

then displaced by small steps until contact occurs for one of the defined slices.

Both the bulb and the tubular member have to be expressed in a common frame (X,Y, Z)

where Z is the vertical axis and X,Y define a horizontal plane. We denote by (∆Xb,∆Yb,∆Zb)

and (∆Xc,∆Yc,∆Zc) the distance between the bulb reference coordinate system and tubular

member coordinate reference system with regard to the common reference coordinate system

respectively.
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Figure 4.32: Relative position of the striking bulb with respect to the tubular member

Figure 4.33: Decomposition of the bulb into several slices
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For the bulb, it comes:
xb = (X −∆Xb) cosαs + (Y −∆Yb) sinαs

yb = −(X −∆Xb) sinαs + (Y −∆Yb) cosαs

zb = Z −∆Zb

(4.40)

and Eq. 3.2 becomes:

B ≡
[

(X −∆Xb) cosαs + (Y −∆Yb) sinαs
qbulb

]2

+

[
−(X −∆Xb) sinαs + (Y −∆Yb) cosαs

pbulb

]2

+

[
Z −∆Zb
hbulb/2

]2

− 1 = 0

(4.41)

The tubular member has a coordinate system (xc, yc, zc), with zc the main axis and xc being

in the horizontal plane defined by X,Y axes. In its local frame, the tubular member expression

is:

B ≡ x2
c

R2
+
y2
c

R2
= 1 (4.42)

In the global frame, it comes:
xc = (X −∆Xc) cosαe sin ζ + (Y −∆Yc) sinαe sin ζ − (Z −∆Zc) cos ζ

yc = −(X −∆Xc) sinαe + (Y −∆Yc) cosαe

zc = (X −∆Xc) cosαe cos ζ + (Y −∆Yc) sinαe cos ζ + (Z −∆Zc) sin ζ

(4.43)

and Eq. 4.42 becomes:

C ≡
[

(X −∆Xc) cosαe sin ζ + (Y −∆Yc) sinαe sin ζ − (Z −∆Zc) cos ζ

R

]2

+

[
−(X −∆Xc) sinαe + (Y −∆Yc) cosαe

R

]2

− 1 = 0

(4.44)

For each slice, the values of Z is defined by the elevation of the considered slice. The

remaining task is to computeX and Y , which is done with a Newton-Raphson method. Those are

initiated as Xi and Yi and are updated according to the following expression until convergence:

{
Xi+1

Yi+1

}
=

{
Xi

Yi

}
−

[
∂B
∂X

∂B
∂Y

∂C
∂X

∂C
∂Y

]−1{
B
C

}
(4.45)
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with

∂B
∂X

= 2
(X −∆Xb) cosαs + (Y −∆Yb) sinαs

qbulb

cosαs
qbulb

−2
−(X −∆Xb) sinαs + (Y −∆Yb) cosαs

pbulb

sinαs
pbulb

(4.46)

∂B
∂Y

= 2
(X −∆Xb) cosαs + (Y −∆Yb) sinαs

qbulb

sinαs
qbulb

+2
−(X −∆Xb) sinαs + (Y −∆Yb) cosαs

pbulb

cosαs
pbulb

(4.47)

∂C
∂X

= 2
(X −∆Xc) cosαe sin ζ + (Y −∆Yc) sinαs sin ζ − (Z −∆Zc) cos ζ

R

cosαe sin ζ

R

−2
−(X −∆Xc) sinαe + (Y −∆Yc) cosαe

R

sinαe
R

(4.48)

∂C
∂Y

= 2
(X −∆Xc) cosαe sin ζ + (Y −∆Yc) sinαs sin ζ − (Z −∆Zc) cos ζ

R

sinαe sin ζ

R

+2
−(X −∆Xc) sinαe + (Y −∆Yc) cosαe

R

cosαe
R

(4.49)

Once the elevation ZFI of the first contact point is identified, the angles φbulb and ψbulb are

defined as tangent to the bulb at the considered slice (see Fig. 4.33):

φbulb = arctan

(
∂B
∂Z

)
Z=ZFI ;Y=0

ψbulb = arctan

(
∂B
∂Z

)
Z=ZFI ;X=0

(4.50)

4.7.2 Numerical validation

Following the same methodology as in Section 4.5.2, several collision scenarios are investigated

to validate the analytical developments. The bulb is likely to hit tubular members located lower

than the ones impacted by the bow. The impacted elements are therefore longer than the one

used in the previous numerical validation, and its properties are given in Table 4.5.

Table 4.5: Properties of the tubular member used for the numerical simulations (bulb impact)

Property Notation Unit Value

Radius/thickness R/t − 13
Length L m 20
Inclination ζ deg 45; 60; 90

The numerical assumptions are identical to the ones performed for the validations of stem

impacts on tubular members and are detailed in Section 4.5.2.
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The bulb properties are given in Table 4.6, referring to Fig. 4.32.

Table 4.6: Main dimensions of the striking bulb

Property Notation Unit Value

Elliptic radius 1 pbulb m 2.5
Elliptic radius 2 qbulb m 8
Total height hbulb m 10

Four collision scenarios are investigated to validate the analytical formulations in case of an

impact occurring between a bulb and a tubular member. They are listed in Table 4.7.

Table 4.7: Collision configurations for a bulb impact

Scenario ζ (deg) α (deg) YP (m) ZS (m)

6.1 90 / 0 13
6.2 90 / 1 10
7 60 30 6 10
8 45 30 6 7

The evolutions of both dissipated energy and crushing force for a maximum penetration of

2 m are plotted in Figs. 4.34 to 4.37.

Figure 4.34: Comparison of analytical and numerical results for scenario 6.1

As for bow - tubular members collisions, curves show a good accordance between the nu-

merical and the analytical models. The maximum discrepancy in term of dissipated energy for

a penetration of 2 m is 3%, 12%, 19% and 5% for scenarios 6.1, 6.2, 7 and 8 respectively.
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Figure 4.35: Comparison of analytical and numerical results for scenario 6.2

Figure 4.36: Comparison of analytical and numerical results for scenario 7

Figure 4.37: Comparison of analytical and numerical results for scenario 8
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4.8 Conclusions

In this Chapter, a closed-form expression for evaluating the resistance opposed by an inclined

tubular member submitted to a collision with the stem or the bulb of a given ship is developed.

This is done by accounting for the shape of the colliding part and for different collision angles.

As a first step, the particular case of an impact occurring on a vertical tubular member is

investigated. The analytical derivation is performed by applying the upper-bound method. To

do so, we first imagine a displacement field that is compatible with the assumed shape of the

striking vessel. To evaluate the impact resistance, the tubular member is idealised by a set of

horizontal rings disconnected to vertical generators. Both of them are submitted to an assumed

displacement profile and the virtual velocities principle is applied to get the corresponding

crushing resistance.

As a second step, the situation of a horizontal tubular member is treated. The method is

similar to the vertical case, but the assumed deformation pattern is of course somewhat different.

An interpolation formula is then proposed to evaluate the crushing resistance for any inclina-

tion of the cylindrical member. In order to validate the theoretical developments, the crushing

force assessed analytically is compared with numerical results. In almost all the cases, the

agreement between our simplified method and the results given by the LS-DYNA FE code are

satisfactory, as the divergence never exceeds 25%. Moreover, the analytical procedure leads to

conservative results, as the crushing force and the energy dissipated by the tubular member are

always underestimated.

Impact on a full-scale jacket is also treated. Once again, the collision is simulated using

LS-DYNA and the corresponding results are compared with the analytical predictions. The

numerical simulations are performed by considering two different initial velocities for the striking

vessel, i.e. 2 m/s and 5 m/s. In the first case, when the velocity is rather small, the agreement

of the present theoretical derivation is quite satisfactory. Nevertheless, in the second case, when

the velocity is increased, a significant discrepancy is observed. This one is due to the fact that

the tubular members surrounding the impacted one are also deformed during the crash. This

points out the necessity of accounting for a coupling between several deformation modes, which

are considered in the next Chapters.

In the last part of this Chapter, the model is extended to bulb colliding on tubular members.

For each collision scenario, the initial impact point is first identified. We virtually divide the bulb

into horizontal slices. The bulb is first located away from the tubular member and approaches

it by spatial steps. At each step, contact between the considered slice and the tubular member

is checked, until the first contact point is identified. Elliptic radii are considered to be the ones

corresponding to the slice, while the stem and side angles are considered to be tangent to the

initial contact point. Using these assumptions and the formulations described for stem impacts

provides accurate results, validating also the equations in case of bulb impacts.
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Chapter 5

Global deformation of the whole

jacket

Abstract:

This Chapter aims to detail the algorithm developed to compute the
overall deformation of an OWT jacket impacted by a ship. The local
cross-section deformations of all tubular members are not included here.

The global motion computation is achieved by dividing the jacket into
large elements, each tubular member of the structure being one of them.
Both extremities of each element has 6 degrees of freedom to describe
its displacements. Using a methodology similar to the one used for FE
approach, the elementary stiffness matrix is computed for each element,
including the elastic regime and apparition of plastic hinges, second
order geometrical effects and semi-rigid connections. The deformation
of the collided jacket is controlled by the displacement of the impact
point between the striking ship and the structure.

Validation of the algorithm is achieved by comparing our results with
FE simulations performed with LS-DYNA. The results show a good
agreement between both models, validating the developed algorithm.
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5.1 Introduction

Numerical simulations using FE method were performed in Chapter 3 to understand the struc-

tural behaviour of OWT jackets impacted by a ship and four deformation modes were identified,

namely:

• local crushing of impacted tubular members (Chapter 4);

• global deformation of the whole jacket (present Chapter);

• punching of legs by compressed braces (Chapter 6);

• deformation at the base of the jacket (Chapter 7).

This present Chapter focuses on the second one, the global deformation of the whole jacket.

The ship collides the jacket locally and the displacement near the contact point affects all the

elements of the structure until the crushing forces are transmitted to the foundation. The

deformation of cross-sections (crushing or punching, for example) is not considered in the study

of this deformation mode.

The methodology developed here uses a formulation similar to the one used for FE theory,

considering each tubular member as one single element. In this way, the number of elements in

the model is low (in FE models, each tubular member would be modelled with several beam ele-

ments), as well as the computational effort. This method is already used in USFOS software [8]

for similar structures as our developments are close to that code.

Developing an algorithm to assess the overall deformation of the whole structure is achieved

in several steps. First, the stiffness matrices is computed individually in elastic regime. They

are then extended to the plastic regime by accounting for possible plastic hinges at several

determined locations. The stiffness matrices are modified for the plastic regime, and nodal forces

have to be added to ensure that the stress state remains on the plastic surface. Elementary

stiffness matrices and force vectors are assembled to characterise the entire structure. The

structural motion is governed by the ship impact point displacement. Additional computations

are performed to evaluate the internal forces. The implementation of all the developed equations

is given for each step. Finally, the validation of the algorithm is performed considering several

collision scenarios.

This Chapter is based on various developments in the literature from several authors, all

being cited in the bibliography. The main achievement consists in gathering all these works to

get a consistent methodology to assess the overall motion of the impacted structure.
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5.2 Description

The methodology used to describe the overall motion of the jacket is similar to the one used in

FE approach. The structure is first divided into large structural units, which correspond here

to tubular members. For each of them, the elastic elementary matrix is developed. Plasticity is

then accounted for by considering plastic hinges that can occur only at three locations, i.e. at

both extremities of the element and at midspan. Following the same methodology as for FE,

the elementary matrices are assembled and the system is solved.

In the next sections, the vectors are simply underlined (v) and the matrices doubly underlined

(M).

5.2.1 Elementary elastic stiffness matrices

Every tubular member is modelled with a beam element with 6 degrees of freedom at each

extremity, as can be seen in Fig. 5.1.

Figure 5.1: Axes and degrees of freedom for beam-elements

The elastic elementary stiffness matrices are derived from the formulation of Aristizabal-

Ochoa [1] that includes semi-rigid connections (with a parameter allowing to consider connections

from perfectly hinged to perfectly clamped) and second-order effects using Timoshenko stability

functions [9].

The elastic elementary stiffness matrix is given under the form:

k =



k1,1 k1,2 · · · · · · k1,12

k2,1 k2,1
...

...
. . .

...
...

. . .
...

k12,1 · · · · · · · · · k12,12


(5.1)
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The following expressions are fully detailed in [1] and are given here as a reminder. Please

note that the degrees of freedom numbering used here and presented in Fig. 5.1 changes with re-

gard to the Aristizabal-Ochoa’s paper one presented in Fig. 5.2. The numbering correspondence

is given in Table 5.1.

Figure 5.2: DOFs Numbering in Aristizabal-Ochoa’s paper [1]

Table 5.1: Equivalence between the present thesis and Aristizabal-Ochoa’s paper [1] degrees of
freedom numbering

T. Pire’s PhD thesis 1 2 3 4 5 6 7 8 9 10 11 12

Aristizabal-Ochoa’s paper [1] 9 3 7 11 5 1 10 4 8 12 6 2

5.2.1.1 Flexural stiffness in one single plane

We define the fixity factor at node i as ρi and the rigidity index as Ri [11]. For a hinged

connection, we have ρi = 0 and Ri = 0, while their values are equal to ρi = 1 and Ri =∞ for a

clamped connection. Both variables are linked by Eq. 5.2 [11].

ρi =
1

1 + 3
Ri

(5.2)

In the present thesis, it is assumed that all the tubular members are clamped at both

extremities.

For prismatic column with rigid connections and submitted to an axial force P (positive in

compression and negative in tension), Salmon and Johnson [7] defined the parameter u as:

u =

√
P

EI/l2
(5.3)
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with E the Young modulus, I, the flexural inertia and l the element length.

The following expressions are detailed for the deformation in one single plane, with degrees

of freedom 2, 6, 8, 12. The next equations are a reminder of the elementary matrix components

given in [1]. The element ends are denoted A and B (see Fig. 5.1) and are then used in the

subscripts.

Compression (P > 0)

If the column is submitted to compression, one has:

k6,6 =
3ρA (1− ρB)u2 + 9ρAρB (1− u/ tanu)

(1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanu) + 9ρAρB [tan(u/2)/(u/2)− 1]

EI

l

(5.4)

k12,6 =
9ρAρB (u/ sinu− 1)u2

(1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanu) + 9ρAρB [tan(u/2)/(u/2)− 1]

EI

l

(5.5)

k12,12 =
3ρB (1− ρA)u2 + 9ρAρB (1− u/ tanu)

(1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanu) + 9ρAρB [tan(u/2)/(u/2)− 1]

EI

l

(5.6)

No axial effort (P = 0)

When the axial effort applied on the element is equal to 0, the stiffness matrix coefficients

are first-order coefficients:

k6,6 =
12ρA

4− ρAρB
EI

l
(5.7)

k12,6 =
6ρAρB

4− ρAρB
EI

l
(5.8)

k12,12 =
12ρB

4− ρAρB
EI

l
(5.9)
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Tension (P < 0)

Finally, if the element is submitted to tension, one has:

k6,6 =
−3ρA (1− ρB)u

2 + 9ρAρB (1− u/ tanhu)

− (1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanhu) + 9ρAρB [tanh(u/2)/(u/2)− 1]

EI

l
(5.10)

k12,6 =
9ρAρB (u/ sinhu− 1)u2

− (1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanhu) + 9ρAρB [tanh(u/2)/(u/2)− 1]

EI

l
(5.11)

k12,12 =
−3ρB (1− ρA)u

2 + 9ρAρB (1− u/ tanhu)

− (1− ρA) (1− ρB)u2 + 3 (ρA + ρB − 2ρAρB) (1− u/ tanhu) + 9ρAρB [tanh(u/2)/(u/2)− 1]

EI

l
(5.12)

Shear effect

The components k6,6, k12,12 and k12,6 are affected by shear and have to be multiplied by

(1 + Φ/4)/(1 + Φ) for k6,6 and k12,12 and by (1− Φ/2)/(1 + Φ) for k12,6 where

Φ =
12EI

GAsl2
(5.13)

and As the shear area of the cross-section [2].

Other coefficients

The remaining coefficients can be computed with regard to k6,6, k12,6 and k12,12 with the

following relations, whatever the value of P :

k6,2 = −k8,6 =
k6,6 + k12,6

l
(5.14)

k12,2 = −k12,8 =
k12,12 + k12,6

l
(5.15)

k2,2 = k8,8 = −k8,2 =
k6,2 + k12,2 − P

l
(5.16)

By symmetry, one has:

ki,j = kj,i (5.17)

with i, j = 2, 6, 8, 12 and i 6= j.

104



CHAPTER 5. GLOBAL DEFORMATION OF THE WHOLE JACKET

Finally, one can write:

k2,6,8,12 =


k2,2

k6,2 k6,6

k8,2 k8,6 k8,8

k12,2 k12,6 k12,8 k12,12

 (5.18)

Similarly, in the other flexural plane, one has:

k3,5,9,11 = k2,6,8,12 (5.19)

5.2.1.2 Axial stiffness

The classical first-order stiffness coefficient is k = EA/l. In order to take into account the

flexural moments, this coefficient was modified by Ekhande et al. [2] to

k1,1 = k7,7 = −k7,1 = s1EA/l (5.20)

with:

s1 =
1

1 + (Hx +Hy)
EA

4P 3l2

(5.21)

where

u =

√
P

EIy/l2
and v = u

√
(EI)y
(EI)x

(5.22)

Hx and Hy are computed as follows:

Compression (P > 0)

Hx = v
(
M2
xa +M2

xb

) (
1/ tan v + v/ sin2 v

)
− 2 (Mxa +Mxb)

2

+2vMxaMxb (1 + v tan v) / sin v
(5.23)

Hy = u
(
M2
ya +M2

yb

) (
1/ tanu+ u/ sin2 u

)
− 2 (Mya +Myb)

2

+2uMyaMyb (1 + u tanu) / sinu
(5.24)
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Tension (P < 0)

Hx = v
(
M2
xa +M2

xb

) (
1/ tanh v + v/ sinh2 v

)
− 2 (Mxa +Mxb)

2

+2vMxaMxb (1 + v tanh v) / sinh v
(5.25)

Hy = u
(
M2
ya +M2

yb

) (
1/ tanhu+ u/ sinh2 u

)
− 2 (Mya +Myb)

2

+2uMyaMyb (1 + u tanhu) / sinhu
(5.26)

5.2.1.3 Torsional stiffness

The interactions between axial, flexural and torsional stiffness are neglected. According to

Saint-Venant’s theory, one has:

k4,4 = k10,10 = −k10,4 =
GJ

l
(5.27)

where G is the Coulomb modulus and J the torsional inertia.

5.2.2 Stiffness reduction due to plastic hinges

The plastic surface F has to be defined, taking into account all the internal forces in one element

node. In the Eurocode 3 [3], a formulation for circular cross-sections can be found and is written

in Eq. 5.28.

F ≡

 Mx

Mpl

(
1−

(
N
Npl

)2
)


2

+

 My

Mpl

(
1−

(
N
Npl

)2
)


2

− 1 = 0 (5.28)

where Mx and My are the internal bending moments around x and y axes respectively, N is

the internal axial force, Mpl and Npl the plastic bending moment and the axial resistance force

respectively. Such plastic resistances are computed in Eqs. 5.29 and 5.30.

Npl = π
(
R2

2 −R2
1

)
σ0 = Aσ2

0 (5.29)

Mpl = 2

∫ 2π

0
dθ

∫ R2

R1

σ0r sin θrdr = 4σ0
R3

2 −R3
1

3
(5.30)

where A is the cross-section area, σ0 the flow stress, R1 and R2 the internal and external radii

of the tubular member respectively.
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Considering the formulation of plastic surface expressed in Eq. 5.28, it is assumed that the

internal shear force (Vx and Vy) is lower than half of the shear plastic resistance and can therefore

be neglected and that the effect of torsion force (T ) can be neglected with regard to bending

and normal forces.

The orientation of the inertia axes for a tubular member is undefined, and considering a

resulting bending moment could be relevant. However, the presented formulation is developed

to compute the bending moments around the x and y axes independently, which is required for a

further change from a local coordinate system (for each tubular member) to a global coordinate

system (for the whole jacket), as discussed in Section 5.2.3.

This plastic surface may be derived with regard to the internal forces.

gT =
[
∂F
∂N

∂F
∂Vx

∂F
∂Vy

∂F
∂T

∂F
∂Mx

∂F
∂My

]
(5.31)

The components of Eq. 5.31 may be expressed as

∂F

∂N
=

4N

N2
pl

(
1−

(
N
Npl

)2
)3

M2
x +M2

y

M2
pl

∂F

∂Vx
=
∂F

∂Vy
=
∂F

∂T
= 0

∂F

∂Mx
=

2Mx[
Mpl

(
1−

(
N
Npl

)2
)]2

∂F

∂My
=

2My[
Mpl

(
1−

(
N
Npl

)2
)]2

(5.32)

In order to simplify the notation next, all the degrees of freedom related to the element node

A are denoted with subscript A, similarly for node B. For example, the stiffness matrix given

in Eq. 5.1 can be written in Eq. 5.33:

k =



k1,1 k1,2 · · · · · · k1,12

k2,1 k2,1
...

...
. . .

...
...

. . .
...

k12,1 · · · · · · · · · k12,12


=

[
kA,A kA,B

kB,A kB,B

]
(5.33)

In this methodology, it is considered that the cross-section is fully elastic or fully yielded

(corresponding to a plastic hinge), the transition between both states being defined by the plastic

surface given in Eq. 5.28. The cross-section partial yielding, i.e. only a part of the cross-section

is yielded while the rest is still is elastic domain, is not taken into account.
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It is further assumed that plastic hinges may appear only at determined locations, i.e. at both

extremities and at midspan. Those cases are studied in Sections 5.2.2.1 and 5.2.2.2 respectively.

5.2.2.1 Plastic hinge at element end

Elasto-plastic stiffness

From USFOS (all the details can be found in [8]), the incremental stiffness expression is

given in Eq. 5.34.

{
∆sA

∆sB

}
=

[
kep
AA

kep
AB

kep
BA

kep
BB

]{
∆vA

∆vB

}
+

pepAA pep
AB

pep
BA

pep
BB

{∆s̄A

∆s̄B

}
(5.34)

with

kep
ij

= k
ij
− k

ik
kkh

T
kj

i, j, k = A,B (5.35)

and

pep
ij

= δ
ij
− k

ik
kkp

T

kj
i, j, k = A,B (5.36)

using Einsteins summation. Note that δ
ij

is the identity matrix.

In Eq. 5.34, we have ∆Si the variation of internal force at node i expressed in Eq. 5.37, ∆vi

the variation of displacement at node i expressed in Eq. 5.38 and ∆S̄i the consistent nodal forces

increments coming from concentrated and laterally distributed forces. In our present case, no

concentrated loads or distributed loads are applied on the structure, such as ∆S̄i = 0 for any

node of the collided jacket.

sTi =
[
N Vx Vy T Mx My

]
(5.37)

vTi =
[
uz ux uy θz θx θy

]
(5.38)

The remaining expressions of Eq. 5.34 are given in Eqs. 5.39, 5.40 and 5.41.

hT
A,A

=
1

det

{(
gT
B

(
k
B,B

+ kh
B,B

+ C
B,B

)
g
B

)
gT
A
k
A,A
−
(
gT
A
k
A,B

g
A

)
gT
A
k
B,A

}
hT
A,B

=
1

det

{(
gT
B

(
k
B,B

+ kh
B,B

+ C
B,B

)
g
B

)
gT
A
k
A,B
−
(
gT
A
k
A,B

g
A

)
gT
A
k
B,B

}
hT
B,A

=
1

det

{(
gT
A

(
k
A,A

+ kh
A,A

+ C
A,A

)
g
A

)
gT
B
k
B,A
−
(
gT
B
k
B,A

g
A

)
gT
A
k
A,A

}
hT
B,B

=
1

det

{(
gT
A

(
k
A,A

+ kh
A,A

+ C
A,A

)
g
A

)
gT
B
k
B,B
−
(
gT
B
k
B,A

g
A

)
gT
A
k
A,B

}
(5.39)
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pT
A,A

=
1

det

(
gT
B

(
k
B,B

+ kh
B,B

+ C
B,B

)
g
B

)
gT
A

pT
A,B

=
1

det

(
−gT

A
k
A,B

g
B

)
gT
B

pT
B,A

=
1

det

(
−gT

B
k
B,A

g
A

)
gT
A

pT
B,B

=
1

det

(
gT
A

(
k
A,A

+ kh
A,A

+ C
A,A

)
g
A

)
gT
B

(5.40)

det =
(
gT
A

(
k
A,A

+ kh
A,A

+ C
A,A

)
g
A

)(
gT
B

(
k
B,B

+ kh
B,B

+ C
B,B

)
g
B

)
−
(
gT
A
k
A,B

g
B

)2
(5.41)

The matrix kh covers hardening effect while the matrix C covers the deformation of the

plastic surface.

Plastic correction

In plastic regime, the stress state moves tangentially to the plastic surface during a finite

load increment. Therefore, the stress state does not remain on the plastic surface, which can be

corrected by applying an equivalent load vector.

If we denote ∆f̄
i

the deviation from the yield surface at node i, the equivalent force vector

is written in Eq. 5.42{
∆s?A

∆s?B

}
= −

[
tep
AA

tep
AB

tep
BA

tep
BB

]{
∆f̄

A

∆f̄
B

}
(5.42)

with

tep
ij

= −t
ik
g
k
t
kj

(5.43)

and

tT
A,A

=
1

det

(
gT
B

(
k
B,B

+ kh
B,B

+ C
B,B

)
g
B

)
gT
A

tT
A,B

=
1

det

(
−gT

A
k
A,B

g
B

)
gT
B

tT
B,A

=
1

det

(
−gT

B
k
B,A

g
A

)
gT
A

tT
B,B

=
1

det

(
gT
A

(
k
A,A

+ kh
A,A

+ C
A,A

)
g
A

)
gT
B

(5.44)

where det is defined in Eq. 5.41.

The distance from the stress state to the plastic surface has still to be computed. In our

situation, the plastic surface is defined in Eq. 5.28 and is a function of three internal forces,
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namely the axial force N and two bending moments Mx and My. In plastic regime, the stress

state moves tangentially to the plastic surface. As this one is convex, the updated stress state

is outside this plastic surface.

The distance between the actual stress state and the plastic surface is defined as the distance

between the stress state and the intersection point between the plastic surface and the straight

line normal to that surface passing through the stress state.

In two dimensions, this can be illustrated in Fig. 5.3 by a plastic surface defined in Eq. 5.45.

The stress state is denoted by σ and the normal to the surface passing through σ is d.

F2D ≡
M

Mpl,Rd
+

(
N

Npl,Rd

)2

− 1 = 0 (5.45)

Figure 5.3: Line normal to plastic surface passing through the stress state

We need to compute the intersection point between the plastic surface and the straight line

normal to that surface passing through the stress state. Mathematically, this point is:

• on the plastic surface F (Eq. 5.28);

• on the line d normal to the plastic surface passing through σ (Eq. 5.46).



dN ≡
∂F

∂N
t+Nσ −N = 0

dMx ≡
∂F

∂Mx
t+Mx,σ −Mx = 0

dMy ≡
∂F

∂My
t+My,σ −My = 0

(5.46)
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Four unknowns N , Mx, My and t have to be found with the four equations given in Eq. 5.28

and 5.46. The problem is solved using a Newton-Raphson iterative method detailed in Eq. 5.47.


N

Mx

My

t


i+1

=


N

Mx

My

t


i

−


∂F
∂N

∂F
∂Mx

∂F
∂My

∂F
∂t

∂dN
∂N

∂dN
∂Mx

∂dN
∂My

∂dN
∂t

∂dMx
∂N

∂dMx
∂Mx

∂dMx
∂My

∂dMx
∂t

∂dMy

∂N
∂dMy

∂Mx

∂dMy

∂My

∂dMy

∂t


−1

F

dN

dMx

dMy


(5.47)

with ∂F
∂N , ∂F

∂Mx
, and ∂F

∂My
given in Eq. 5.32 and ∂F

∂t = 0.

Then, one can compute the derivative of Eq. 5.47 for lines 2, 3 and 4 as done in Eqs. 5.48,

5.49 and 5.50 respectively

∂dN
∂N

=
M2
x +M2

y

N2
plM

2
pl

 4(
1−

(
N
Npl

)2
)3 + 4N

−3(
1−

(
N
Npl

)2
)4

−2N

N2
pl

 t− 1

∂dN
∂Mx

=
4N

N2
pl

(
1−

(
N
Npl

)2
)3

2Mx

M2
pl

t

∂dN
∂My

=
4N

N2
pl

(
1−

(
N
Npl

)2
)3

2My

M2
pl

t

∂dN
∂t

=
∂F

∂N

(5.48)



∂dMx

∂N
=

2Mx

M2
pl

−2(
1−

(
N
Npl

)2
)3

−2N

N2
pl

 t

∂dMx

∂Mx
=

2[
Mpl

(
1−

(
N
Npl

)2
)]2 t− 1

∂dMx

∂My
= 0

∂dMx

∂t
=

∂F

∂Mx

(5.49)
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

∂dMy

∂N
=

2My

M2
pl

−2(
1−

(
N
Npl

)2
)3

−2N

N2
pl

 t

∂dMy

∂Mx
= 0

∂dMx

∂My
=

2[
Mpl

(
1−

(
N
Npl

)2
)]2 t− 1

∂dMx

∂t
=

∂F

∂My

(5.50)

After convergence of the resolution, the distance between the stress state σ and the plastic

surface is computed.

5.2.2.2 Plastic hinge at element midspan

In order to determine if a plastic hinge occurs at midspan, the internal forces at this specific

location has to be computed and the stress state has to be compared with the plastic surface.

For small displacements (i.e. before the plastic hinge occurs), the bending moments around

x and y at midspan are computed as

Mx,mid =
Mx,A +Mx,B

2
+Nux,mid

My,mid =
My,A +My,B

2
+Nuy,mid

(5.51)

where the subscripts A and B are related to both extremities and uj,mid is the midspan dis-

placement of the element in the direction j (j = x, y) with regard to the straight line between

the nodes A and B.

Before the occurrence of the plastic hinge at midspan, the beam can be represented in Fig. 5.4

in black at its initial position and in blue at its deformed one, the dotted line being the straight

line between A and B. This displacement uj,mid is computed with the nodal displacement (see

Fig. 5.5) through classical 2D-beam interpolation functions illustrated in Fig. 5.6 and described

by Eq. 5.52. At midspan, w is taken equal to l/2.
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Figure 5.4: Midspan displacement

Figure 5.5: Nodal displacement on a 2D-beam element

Figure 5.6: Interpolation functions for a 2D-beam (Eq. 5.52)
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h2(w) =
2w3

l3
− 3w2

l2
+ 1

h6(w) = l

(
w3

l3
− 2w2

l2
+
w

l

)
h8(w) =

−2w3

l3
+

3w2

l2

h12(w) = l

(
w3

l3
− w2

l2

)
(5.52)

If we denote u2 and u8 the displacements associated to degrees of freedom 2 and 8 and θ6

and θ12 the rotations associated to degrees of freedom 6 and 12 respectively (see Fig. 5.5) and if

we assume that the displacements are small, then, the displacement uj,mid is given in Eq. 5.53.

uj,mid = u2h2(l/2) + θ6h6(l/2) + u8h8(l/2) + θ12h12(l/2)− u2 + u8

2
(5.53)

Then, using the axial force and Eq. 5.51 into Eq. 5.28 allows to check if a plastic hinge occurs

at midspan. In this case, the element is divided into two elements with a plastic hinge between

them.

The formulations used are then identical to the ones developed in Section 5.2.2.1.

5.2.3 Assembly

Each element has its own local axes system (x, y, z), in red in Fig. 5.7, and all the formulations

developed in Sections 5.2.1 and 5.2.2 are expressed in this local frame.

However, all the elements have to be expressed in a common frame (X,Y, Z), in green in

Fig. 5.7. The origin of this frame has an elevation equal to the jacket foundation level and is

located at equal distance of all four leg foundations. The axes X and Y are horizontal and

aligned with jacket planes and Z axis is vertical. The elementary stiffness matrices and loads

have to be modified to fit with the global frame. This is achieved through rotation matrices R.

For an element with a local unitary frame (x, y, z) that is expressed in the global unitary

frame (X,Y, Z), the rotation matrix R is written in Eq. 5.54 where “·” denotes a scalar product.

R =


Φ 0 0 0

0 Φ 0 0

0 0 Φ 0

0 0 0 Φ

 ; Φ =


X · x Y · x Z · x
X · y Y · y Z · y
X · z Y · z Z · z

 (5.54)
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Figure 5.7: Global and local system of axes
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Then, using a classical assembly method, the global stiffness matrix K can be obtained from

the elementary stiffness matrices k, as done in Eq. 5.55.

K =
∑

assembly

RT k R (5.55)

Similarly for the local forces f that are expressed in the global system as F , as done in

Eq. 5.56.

F =
∑

assembly

RT f (5.56)

5.2.4 Displacement control

Typically, for a structure with n degrees of freedom submitted to a given nodal load vector F ,

the incremental matrices system can be solved as in Eq. 5.57.

K1,1 K1,2 K1,3 · · · K1,n

K2,1 K2,2 K2,3 · · · K2,n

K3,1 K1,2 K3,3 · · · K3,n

...
...

...
. . .

...

Kn,1 Kn,2 Kn,3 · · · Kn,n





∆u1

∆u2

∆u3

...

∆un


=



∆F1

∆F2

∆F3

...

∆Fn


(5.57)

The formulation described in Eq. 5.57 is modified in order to impose nodal displacements [12].

If we denote ∆ū2 the imposed displacement increment on node 2, Eq. 5.57 becomes:

K1,1 0 K1,3 · · · K1,n

0 1 0 · · · 0

K3,1 0 K3,3 · · · K3,n

...
...

...
. . .

...

Kn,1 0 Kn,3 · · · Kn,n





∆u1

∆ū2

∆u3

...

∆un


=



∆F̂1

∆u2

∆F̂3

...

∆F̂n


(5.58)

with

∆F̂i = ∆Fi −Ki,2∆ūi (5.59)

In general, for an imposed displacement increment ∆ūj at node j, one has for i = 1, 2, · · · , n
and i 6= j

Kj,j = 1 ; Ki,j = Kj,i = 0 ; ∆Fj = ∆ūj ; ∆F̂i = ∆Fi −Ki,j∆ūj (5.60)
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The same procedure can be applied for all the nodes where an imposed displacement is

applied.

5.2.5 Matrices system resolution

Eq. 5.58 can be simply written under the form presented in Eq. 5.61 and this corresponds to

the system equations to solve for the unknowns ∆u.

K∆u = ∆F̂ (5.61)

As this is solved by Matlab, the software uses more efficient algorithms depending on the

matrix structure. In our case, the matrix is sparse and its structure is not triangular, not

diagonal and not hermitian. Matlab chooses therefore a LU solver [6].

∆u = K−1∆F̂ (5.62)

This resolution is iterative as plasticity and nonlinear effects may occur. Eq. 5.61 is solved

until convergence is reached, which can be expressed by ω ≤ ε with ε the convergence criteria,

taken equal to 10−3, in Eq. 5.63.

ωdof,sum =
n∑
j=1

∣∣∣∣∣∆F
i
elem,j −∆F i−1

elem,j

∆F ielem,j

∣∣∣∣∣ ; ω =
εdof,sum

n
(5.63)

5.2.6 Internal forces

The internal forces in all the elements is computed with Eq. 5.64

∆selem = k
elem

R
elem

∆uelem (5.64)

where uelem corresponds to the displacement at the considered element nodes.

5.3 Implementation

The equations detailed in the previous Section 5.2 are implemented in a MATLAB code to

compute the resistance of the collided jacket.

The first step of the algorithm is to provide the geometrical (dimensions, number of tubular

elements, location of the connections, . . . ) and mechanical (flow stress σ0, Young modulus E,

. . . ) properties of the jacket as well as the collisions parameters (location of the impact point,

direction of the striking ship, . . . ). In case of a collision point located on a tubular element
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between two connections, this element is divided into two adjacent ones, in order to apply the

impact point displacement on a node.

With these data, the model, such as the one presented in Fig. 5.7, can be built.

The whole collision time is divided into several time steps ∆t defined by the user. Knowing

the striking ship velocity vship and the chosen time step, the penetration ∆u during that time

step can be computed easily as ∆u = vship∆t.

The elementary stiffness matrices k and the elementary equivalent nodal loads vectors f can

be computed with the equations described in Sections 5.2.1 and 5.2.2.

The assembly process is described by Eqs. 5.55 and 5.56. The displacement control is achieved

using Eqs. 5.58 to 5.60.

After solving the matrix system, the internal effort ∆selem in each tubular member can be

computed with Eq. 5.64. The properties (displacement, crushing force, internal efforts) can be

updated and the plasticity can be checked using the plasticity surface described in Eq. 5.28.

This plasticity criteria can be easily computed with the nodal internal forces for tubular element

ends, and requires the use of interpolation functions for the midspan of the element, as detailed

in Section 5.2.2.2.

For each time step, several iterations may be required until convergence criteria is met. Then,

the same procedure is performed for the next time steps.

The crushing force of the striking ship on the structure is computed at each time step.

Assuming that the ship is perfectly rigid, its acceleration is also computed using the crushing

force, and its velocity is updated. The methodology here described is then used as long as the

ship velocity reaches zero.

The algorithm is represented graphically in Fig. 5.8.

5.4 Buckling of compressed tubular members

As discussed in Section 3.2.2, the collided jacket investigated in the present thesis corresponds

to a real jacket. With this structure, the ratio De/t for the braces is equal to 13, where De is

the external diameter of the tubular member and t its thickness. From other published papers,

such as Travanca et al. [10] or Jin et al. [4], this ratio could go up to 50.

In our case, the ratio De/t is low compared to other installed structures, which makes the

braces of the studied jacket stiffer. The deformation during the collision is therefore more likely

to occur at the braces connections, which corresponds to punching that will be investigated in

Chapter 6, than by buckling of the compressed braces.

However, the purpose of this thesis is to provide an algorithm able to assess the resistance

of any collided jacket and buckling of compressed tubular members has to be modelled.
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Data (speed, position, jacket, ∆t, . . . )

Initialisation :
u = u? = 0 ; F = F ? = 0

; Felem = F ?elem = 0

∆uimpact = vinit.∆t

Detection of impacted elements

Kelem = f(jacket, Felem, plasticity)

Ktot =
∑

assembl T
T · Kelem · T

∆F = f(∆uimpact, plasticity)

∆u = K−1
tot · ∆F

∆Felem = Kelem · T · ∆u
∆Felem = Ktot · ∆u

u = u? + ∆u
Felem = F ?elem + ∆Felem

F = F ? + ∆F

Check plasticity

Update element properties
(length, orientations, . . . )

Convergence :

∣∣∣∣F − F it−1

F

∣∣∣∣ ≤ ε

u? = u ; F ? = F ; F ?elem = Felem

Save F , u, E, . . .

Ship accelaration : a =
Fcrushing
mship

→

vship = vstep−1
ship − a · ∆t

vship
?
= 0

Stop

Yes

Yes

No

No

Figure 5.8: Algorithm to compute the jacket overall motion
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Buckling consists in a sideways displacement of a compressed structural element, and is

described amongst others by Massonet and Cescotto [5]. Let us consider the beam, initially

perfectly straight, depicted in Fig. 5.9 and assumed to be part of the collided jacket. It is

compressed with an axial force N and bent with bending moments MA and MB at nodes A and

B respectively. If we assume that the beam is in the elastic regime, one has:

• At the first order of deformation, the lateral deflection u is due to the bending moments.

At the studied cross-section, the bending moment is equal to M = MA (1− w/l)+MBw/l.

• At the second order, the compressive forces N also creates a bending moment at the

studied cross-section equal to Nu. The loading case could be stable for low values of

compressive forces N but becomes unstable for large values. The value of N leading to

instability depends on the beam geometry and material properties, the loading case and

the boundary conditions.

Figure 5.9: Lateral displacement of a compressed beam

As the lateral deformation increases, partial cross-section yielding occurs and leads to plastic

hinges in the buckled beam. The cross-section the most likely to yield are located at the beam

extremities (if they are clamped) and within the span of the beam, where the internal efforts

are the largest.

In the previous example, the beam is initially perfectly straight. In practice however, some

initial deformation exists and contributes to the lateral deformation u.

Buckling is accounted for in the presented algorithm. However, some assumptions are per-

formed in order to keep the computation time short.

• All the jacket tubular members are assumed to be initially perfectly straight, no initial

deformation are added in the model. At first order, the lateral deformation is therefore

due to bending moments only.

• The second order effects are taken into account in the elementary elastic stiffness matrices

described in Section. 5.2.1. Indeed, Timoshenko stability functions [9] are used to derive

the formulations.

• Theoretically, buckling could occur by bifurcation for a perfectly straight member submit-

ted to a compressive force but not bending moment. However, for all investigated collision
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scenarios, bending moments appear in all tubular members of the jacket, and buckling

occurs by divergence and includes second-order effects.

• As discussed in Section 5.2.2, it is considered that the cross-section is either in elastic

regime or fully yielded, becoming a plastic hinge. The transition between both states,

for which the extreme fibres are yielded and the other are still in elastic domain is not

modelled. The formulation developed however allow to compute the energy dissipated

through the plastic hinges.

• In the presented algorithm, plastic hinges may appear at beam extremities and at midspan.

In reality, the third plastic hinge may occur at another cross-section than midspan. How-

ever, some numerical simulations demonstrated that assuming the third plastic hinge at

midspan is close from its real location.

5.5 Numerical validation

The developed algorithm was validated by comparing the results with FE simulations performed

on a full-scale jacket with LS-DYNA. As this Chapter covers only overall global deformations,

it is compared with numerical model in which the jacket is modelled with beam finite elements

that do not include cross-section deformation, such as crushing or punching, for example.

Several collision scenarios are investigated and modelled by imposing a constant velocity

displacement on a node for a maximum node displacement of 0.24 m.

The investigated OWT jacket is introduced in Section 3.2.2 and is modelled in LS-DYNA

with 9664 beam elements having an average length of 0.10 m.

For both the semi-analytical method and the numerical one, the material law is elastic -

perfectly plastic, as described in Section 3.2.2. Here, the flow stress is equal to the yielding

stress, i.e. σ0 = 255 MPa.

Please note that this deformation mode is the only one for which an elastic part is taken into

account in the material model. Indeed, the analytical formulations developed in other Chapters

would become too complex with an elastic part accounted for. The developed equations allow

also to consider hardening, but it is not included here.

Several ship impact points are considered, as can be seen in Fig. 5.10, including two impacts

on connections (in green) and two between connections (in red). For all the simulations, the

impact point moves along the X axis on a distance of 0.24 m. For each of them, the deformed

jacket computed with the algorithm presented in this Chapter is plotted in Figs. 5.11, 5.13, 5.15

and 5.17, with a displacement scale factor of 40. In those Figures, the solid lines correspond to

the tubular members in compression and the dotted ones to members in tension, while the red

spheres represent the plastic hinges occurring during the jacket deformation. The evolution of
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the dissipated energy and of the crushing force is computed for all four scenarios and plotted in

Figs. 5.12, 5.14, 5.16 and 5.18.

Figure 5.10: Impact points considered for the global deformation mode algorithm validation

Impact on the leg between connections

The elevation H of the impact point is 41 m. For a ship penetration of 0.24 m, the displace-

ments, with a scale factor of 40, are given in Fig. 5.11. Internal energy and resistant force are

plotted in Fig. 5.12. For a penetration larger than 0.1 m, the force becomes nearly constant due

to the development of a three plastic hinges mechanism on the impacted tubular member.

At the end of the deformation, the difference of dissipated energy is equal to 0.1%.
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Figure 5.11: Displacement for a collision on a leg between connections (oblique and side view)

Figure 5.12: Comparison of the internal energy and total resistant force obtained
semi-analytically and numerically for a collision on a leg between connections
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Impact on the brace between connections

The elevation of the impact point is 39 m. The jacket deformation is presented in Fig. 5.13

and the internal energy and resistant force are plotted in Fig. 5.14.

Figure 5.13: Displacement for a collision on a brace between connections (oblique and side
view)

In this case, the discrepancy in terms of dissipation of energy between the semi-analytical

and the numerical models is equal to 1%.
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Figure 5.14: Comparison of the internal energy and total resistant force obtained
semi-analytically and numerically for a collision on a brace between connections

Impact on the leg on a connection

The displacements are shown in Fig. 5.15 while the internal energy and resistant force are

presented in Fig. 5.16.

Figure 5.15: Displacement for a collision on a leg on a connection (oblique and side view)

Here, the discrepancy in terms of dissipated energy is equal to 10%. By analysing the results,

this difference is due to fact that buckling of compressed braces cannot be modelled as accurately

as with fine mesh in numerical model because plastic hinges may appear only in the middle of

the element, which is not identical to what is observed in LS-DYNA results.
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Figure 5.16: Comparison of the internal energy and total resistant force obtained
semi-analytically and numerically for a collision on a leg on a connection

Impact on the crossing of braces

The displacements are given in Fig. 5.17 and the internal energy and resistant force are

plotted in Fig. 5.18.

Regarding this final investigated scenario, the discrepancy is equal to 2%.
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Figure 5.17: Displacement for a collision on the crossing of braces (oblique and side view)

Figure 5.18: Comparison of the internal energy and total resistant force obtained
semi-analytically and numerically for a collision on the crossing of braces
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5.6 Conclusions

In this Chapter, a complete algorithm to compute the overall displacement of an OWT jacket

impacted by a ship is described. The formulations cover the global jacket movement without

any local tubular member cross-section deformations, these phenomena being included in other

deformation modes listed in Chapter 3 and described in Chapters 4, 6 and 7.

The methodology described here is similar to the one used in FE approach, the main speci-

ficity here being that the size of the elements as each tubular member of the jacket corresponds

to one single element in the model. We consider in the model that each element is a beam

element with 6 degrees of freedom at each extremity (3 displacements and 3 rotations).

First, the elastic elementary stiffness is derived for a tubular beam element, including ge-

ometrical second order effects using Timoshenko stability functions and semi-rigid connections

going from perfectly hinged to perfectly clamped.

Plastic hinges may appear if the stress state reaches the plastic surface, as it is defined in the

Eurocode. Elementary stiffness matrix formulations are then modified at nodes where a plastic

hinge occur. Considering the modified expressions, the stress state moves tangentially to the

plastic surface, and external forces are considered to remain on the plastic surface at every node.

In the algorithm, it is assumed that only three plastic hinge locations are possible on an

element, namely each extremity and the midspan. In case of a plastic hinge at midspan, the

considered element is split into two adjacent elements with a plastic hinge between them.

The whole jacket model is built by assembling all the elementary stiffness matrices and load

vectors. In order to consider a displacement control, some additional modifications on the global

stiffness matrix and load vectors are performed. Finally, after solving the matrix system, the

internal forces can be computed.

All the equations are implemented in an incremental algorithm in MATLAB. The crush-

ing process is divided into several time steps, and the evolution of the resistance force, nodes

displacements and internal forces is computed at each of them.

Finally, four collision scenarios are investigated to validate the formulations. The results

computed with the methodology described in this Chapter are compared to the results provided

by the LS-DYNA FE software. It appears from the validation that the developed model pro-

vides results in good accordance with the FE results, with discrepancies lower than 10%. Only

situations where buckling of compressed braces occurs lead to an overestimation of the crushing

force and dissipated energy, due to the fact that plastic hinges is assumed to appear only at the

middle of the element and not at its real location. However, regarding the jacket considered in

our study, such large global displacements do not occur for collisions energies investigated in the

model, as will be computed in Section 8.5 dedicated to the validation of the complete algorithm.
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Chapter 6

Punching of legs by compressed

braces

Abstract:

This Chapter presents a semi-analytical method developed to compute
the energy dissipated by plastic deformation of punched offshore jacket
legs during a ship collision event. Punching may occur on both impacted
and rear legs at the connection with compressed braces.

Using the upper-bound theorem associated with plastic limit analysis,
analytical expressions are derived to assess the resistant force and the
deformation energy of a tubular member clamped at both extremities
and crushed by an indenter. Those expressions are then enriched with
some empirical parameters determined to assess the resistance of a leg
punched by one or two connected braces, with several diameter ratios,
angles between involved cylindrical members, different tubular member
spans and gaps between connected braces.

These developments are successfully validated by comparison with both
NORSOK standard-design formulas and nonlinear FE simulations per-
formed on two and three tubular members models.

A general methodology is finally established in order to take into account
punching on the whole height of the impacted OWT jacket.
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6.1 Introduction

In Chapter 3, four deformation modes for a collided OWT jacket were identified, namely:

• local crushing of impacted tubular members (Chapter 4);

• global deformation of the whole jacket (Chapter 5);

• punching of legs by compressed braces (present Chapter);

• deformation at the base of the jacket (Chapter 7).

The purpose of this Chapter is to present semi-analytical developments performed to consider

the punching of a leg by compressed braces deformation mode. A typical example of punching

can be seen in Fig. 6.1 where the effective plastic strain distribution is plotted. The fringe levels

are set in order to highlight in red the elements for which the effective plastic strain is larger

than 1%.

Figure 6.1: Effective plastic strain on a punched area

First, the formulations proposed by Buldgen, Le Sourne and Pire [2] (Chapter 4), developed

for impacted tubular members, are extended to calculate analytically the resistance of a leg that

is punched by one or two braces, as already investigated by Hsieh [6]. The deformation pattern

description is modified to take into account the interface between the leg and the brace. However,

the description of this pattern is not performed fully analytically and some empirical parameters

are included to consider the ratio between leg and brace diameters. Resulting expressions are

then validated by comparison with numerical simulations, in a range of geometrical parameters

corresponding to typical wind turbine jackets.
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As punching may occur on several braces - leg connections, a methodology used to predict the

punching process on the whole jacket is developed and presented. The validation is performed by

comparing resulting deformation energies and resistant forces with numerical simulation results

for several ship collision scenarios.

6.2 General description of the punching deformation process

At the beginning of this study, some FE simulations were performed in order to identify the main

parameters that govern the punching behaviour of an offshore wind turbine jacket impacted by

a ship.

As an illustration, the collision scenario depicted in Fig. 6.2 was considered, involving afore-

mentioned jacket and a non-bulbous OSV. The striking ship, considered as rigid for this study,

has a mass of 6, 000 tons (added mass included) and an initial velocity of 5 m/s in the surge

direction, its sway and heave movements being restrained. The initial kinetic energy is therefore

75 MJ .

As already discussed in Section 3.6, rupture has a negligible influence on the punching

deformation mode and is thus not considered in this FE simulation.

Figure 6.2: Collision scenario considered to illustrate the punching of legs by compressed braces

The deformation of the impacted jacket as well as the effective plastic strain distributed in

the impacted plane are presented at 0.25, 0.45, 0.65 and 1 second after the collision in Figs. 6.3,
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6.4, 6.5 and 6.6 respectively. The connections between braces and legs where punching occurs

are highlighted by red circles. The elements submitted to effective plastic strains larger than

1% are depicted in red colour.

Figure 6.3: Effective plastic strain at 0.25 s Figure 6.4: Effective plastic strain at 0.45 s

In those Figures, the effective plastic strain does not exceed 20% in the punched areas.

Numerical simulations showed that some tubular members are solicited in compression and

others in tension, as shown in Fig. 6.7 where the axial internal forces of the cylindrical members

located in the impacted plane are plotted. In this Figure, compressed tubular members are

represented in full line and tensioned ones in dotted line. The span of the connection circled in

green is also defined.

From these numerical results, it has been concluded that:

• For each connection, the punching process depends on several parameters, amongst others:

– The number of involved braces (1 or 2) in the punching process

– The type of solicitation of braces: tension or compression

– The angle between the leg and the connected braces

– The ratio between leg and brace diameters

– The mechanical properties

– . . .

• The punching process on each connection is activated only when the ship penetration

reaches a given value.
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Figure 6.5: Effective plastic strain at 0.65 s Figure 6.6: Effective plastic strain at 1 s

Figure 6.7: Compression and tension in the tubular elements of the collided jacket
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• The punched connections are first located at level of the impact point and then spread as

the ship penetration increases.

The equations developed to compute the resistance of a leg punched by compressed braces

are described in the next Section. Then, the methodology that is used to take into account all

the connections where punching may occur is presented.

6.3 Semi-analytical developments to assess the punching be-

haviour on one connection

Hsieh [6] developed formulations to assess the punching behaviour of tubular members in her

Master’s thesis as an extension of the work performed by Buldgen, Le Sourne and Pire [2] and

under the supervision of those researchers. The results presented in this Section are developed

based on her work.

6.3.1 Deformation mechanism

As mentioned in the introduction, four deformation modes were identified from numerical sim-

ulations on an offshore wind turbine jacket impacted by ship. The purpose of this section is

to develop closed-form formulations dedicated to the punching deformation mode in order to

compute rapidly the resistance of a leg punched by a compressed brace at one single connection.

The presented method is qualified as “semi-analytical” because it is mainly based on ana-

lytical developments (upper-bound theorem). However, the developed equations are not able

to explicitly capture the intersection surface between the leg and the brace and to accurately

model the cross-section local deformation. Therefore, the analytical expressions are enriched

with two empirical parameters β and Qβ that allow to account for the ratio between leg and

brace diameters (Eq. 6.1), as will be detailed later on.

β =
Dleg

Dbrace
(6.1)

The deformation patterns of the cross-section and along a punched leg, obtained from nu-

merical simulations, are presented respectively in Figs. 6.8 and 6.9, while the displacement fields

considered for semi-analytical derivations are plotted in Fig. 6.10 and 6.11 respectively. Al-

though the interface between a leg and a brace is oval, as depicted in Fig. 6.12, an inscribed

rectangular one is considered to simplify the derivations while being conservative. Moreover,

this interface is assumed to displace without deforming all along the deformation process.

As the leg cross-section deformation is concerned, the described displacement field is similar

to the one proposed by Buldgen et al. [2], who developed analytical formulations to assess the

resistance of a fully clamped tubular member impacted by a ship bow (Chapter 4). However, the
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Figure 6.8: Initial and deformed leg
cross-section (computed numerically)

Figure 6.9: Deformation along the leg
generators (computed numerically)

Figure 6.10: Assumption on the cross-section
deformation

Figure 6.11: Assumption on the deformation
along the leg generators
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Figure 6.12: Interface area between the leg and the brace

choice of the displacement field along the generators is driven by the fact that the intersection

area is rectangular and not elliptic.

During the whole deformation, the braces are assumed to remain rigid so all the energy

is dissipated by the punched leg deformation. This latter is considered to be composed of

independent rings able to slide without shearing along independent generators.

The deformation mechanism depicted in Fig. 6.10 was initially suggested by Wierzbicki and

Suh [11]. It is composed of two arcs with a radius of R1 and R2 respectively and a straight

line AB. At the junction of those areas are two plastic hinges B and C. The aforementioned

authors described it by the following set of equations. The radius of the undeformed ring being

denoted by R, the indentation δ may be expressed as :

δ = 2R− [R1 (1 + cosψ) +R2 (1− cosψ)] (6.2)

where the angle φ is depicted in Fig. 6.10. A second expression comes from the assumption that

the ring is inextensible during the whole deformation process. As the deformed cross-section

remains symmetric with regard to x-axis, the mathematical expression in Eq. 6.3 stands for half

the ring.

R1 (π − ψ) +R2ψ +AB = πR (6.3)

Using Eqs. 6.2 and 6.3, R1 and R2 can be expressed as functions of R and ψ.

R1 = R+
δ (ψ − sinψ)

π (1− cosψ)− 2 (ψ − sinψ)
(6.4)
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R2 = R− δ (π − ψ + sinψ)

π (1− cosψ)− 2 (ψ − sinψ)
(6.5)

AB = (R1 −R2) sinψ (6.6)

The value of ψ was suggested by Wierzbicki and Suh [11] as a power dependence given by

Eq. 6.7. The angle ϕ describes the position of the plastic hinges and is linked to ψ with Eq. 6.8.

R2

R
=

(
ϕ

ϕ0

)n
(6.7)

ψ = π − ϕ (6.8)

Zeinoddini et al. [12] proposed a linear relationship to express the value of ϕ (Eq. 6.9)

δ

2R
= 1− ϕ

ϕ0
(6.9)

which can be expressed with regard to ψ (Eq. 6.10)

ψ = ψ0 + (π − ψ0)
δ

2R
(6.10)

From this expression, it can be seen that the cross-section is completely crushed when ψ = π.

Both Wierzbicki and Suh [11] (Eq. 6.7) and Zeinoddini et al. [12] (Eq. 6.10) investigated

the effect of the parameter ψ0. They proposed some graphs giving the evolution of the non-

dimensional resistant force (F is the resistant force, M0 is the plate fully plastic bending moment

and R is the tubular member radius) as a function of the non-dimensional penetration (Figs. 6.13

and 6.14). Here, ψ0 = π − θ0. It appears that for a given penetration, the force increases with

the reduction of ψ0.

Buldgen et al. [2] used Eq. 6.10 to assess analytically the resistance of a dented tubular

member. From this work, it was demonstrated that the crushing behaviour is well-predicted for

a value of ψ0 = 3π/4.

From results obtained by Lee et al. [8] and numerical simulations performed in the framework

of this PhD thesis, it appears that expressions given here above is not well suited for the punching

mode. Fig. 6.15 shows that the β ratio influences substantially the resistant force vs indentation

curve.
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Figure 6.13: Non-dimensional force-penetration curve for laterally damaged tubular members
according to [11]

Figure 6.14: Non-dimensional force-penetration curve for laterally damaged tubular members
according to [12]

140



CHAPTER 6. PUNCHING OF LEGS BY COMPRESSED BRACES

Figure 6.15: Force-penetration curves for several β ratios [8]

It also appears that the punching resistance cannot be represented by the equations described

here above and used in Chapter 4. A value a ψ0 leading to a higher resistant force has to be

selected, and a value of ψ0 = π/3 is suggested and checked later on. In addition, as the cross-

section is completely crushed at ψ = π/2, a new expression of ψ is proposed:

ψ = ψ0 +

(
1

2
π − ψ0

)
δ

2R
(6.11)

with ψ0 = π/3.

As mentioned above, the deformed cross-section remains symmetric with regard to x-axis

during the whole deformation and the ring is assumed to be inextensible. Therefore, the distance

GI and AH are the same. The displacement of a point G moving to point H may be written

as:

w(θ, δ) =

√
(xH − xG)2 + (zH − zG)2 (6.12)

The deformed cross-section is then divided into three different areas, each being defined by

the angle θ according to Eq. 6.13, respectively for the flat region, for the arc C2 and for the arc

C1.

0 ≤ θ ≤ (R1−R2) sinψ
R for AB

(R1−R2) sinψ
R ≤ θ ≤ (R1−R2) sinψ

R + R2ψ
R for C2

(R1−R2) sinψ
R + R2ψ

R ≤ θ ≤ π for C1

(6.13)
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The deformation varies also along the dented tubular member axis. The velocity field is

supposed to vary linearly when −ξ2 ≤ y ≤ −a and a ≤ y ≤ ξ1 and to be constant when

−a ≤ y ≤ a, as suggested by Wierzbicki [11]. When y < −ξ2 and y > ξ1, the generators remain

undeformed. Resulting expressions of the displacements are as follows:

W (θ, δ, y) = 0 if y ∈ [ξ1;L1]

W (θ, δ, y) = w(θ, δ)
(

1− y−a
ξ1(δ)−a

)
if y ∈ [a; ξ1(δ)]

W (θ, δ, y) = w(θ, δ) if y ∈ [−a; a]

W (θ, δ, y) = w(θ, δ)
(

1 + y+a
ξ2(δ)−a

)
if y ∈ [−ξ2(δ); 0]

W (θ, δ, y) = 0 if y ∈ [−L2;−ξ2(δ)]

(6.14)

The velocity field Ẇ (θ, δ) is then computed by deriving above expressions with respect to

time.

Ẇ (θ, δ, y) = 0 if y ∈ [ξ1;L1]

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1− y−a
ξ1(δ)−a

)
if y ∈ [a; ξ1(δ)]

Ẇ (θ, δ, y) = ẇ(θ, δ) if y ∈ [−a; a]

Ẇ (θ, δ, y) = ẇ(θ, δ)
(

1 + y+a
ξ2(δ)−a

)
if y ∈ [−ξ2(δ); 0]

Ẇ (θ, δ, y) = 0 if y ∈ [−L2;−ξ2(δ)]

(6.15)

FE simulations show that leg local deformation is followed by a global bending mode of the

punched tubular member. At the beginning of the deformation, local punching is activated then

global bending mode gradually develops. In reality, both mechanisms overlap during a certain

period. However, for analytical developments, a threshold is defined as the minimal load that

can activate the global bending mode. The evolution of the resistant force of a punched tubular

member is plotted in Fig. 6.16, where the local resistance of a leg punched by a brace is depicted

in red and the global resistance of this tubular member in green. The total resistance is the

minimum of both of them, and is represented with thick lines. As long as δ < δt, the punching

local mode is activated. When δ = δt, the deformation mode switches to the global one. δt is

therefore the transition point (threshold) between local and global modes.

The global mode can be seen as a plastic bending of clamped beam, considering four plastic

hinges, one at each beam extremity and two bounding the connection between the brace and the

leg, as depicted in Fig. 6.17. As the tubular member is locally dented of a value δt, the global

deflection is equal to δ − δt.

142



CHAPTER 6. PUNCHING OF LEGS BY COMPRESSED BRACES

Figure 6.16: Evolution of the punching force with the local Pl and global Pg mode

Figure 6.17: Punching global deformation mode mechanism [6]
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6.3.2 Semi-analytical developments

The derivation of analytical expressions is based on the so-called upper-bound theorem (Jones [7]

for more details), which states that the external power equals the internal energy rate, as ex-

pressed in Eq. 6.16.

P δ̇ = Ėint (6.16)

where P is the contact force between the leg and the brace, δ̇ is the velocity of the contact point

and Ėint is the rate of energy dissipated by the plastic deformation of the punched area.

6.3.2.1 Local punching resistance

During local section deformation, energy is dissipated through axial, flexural and shear effects.

As suggested by Wierzbicki [11], shear effects can be neglected so a punched tubular member can

be assumed to be composed of inextensible rings that can slide without friction along generators.

The total energy rate is therefore the rate of energy dissipated by the rings Ėr plus the rate of

energy dissipated by the generators Ėg, as expressed in Eq. 6.17.

Ė = Ėr + Ėg (6.17)

The total internal energy rate is thus the sum of the contributions of the continuous velocity

field (first integral in Eq. 6.18, with respectively the contribution of bending moments and

membrane forces) and the discontinuous one at stationary or moving plastic hinges (summation):

Ėint =

∫
S

(Mκ̇+Nε̇) dS +
∑
i

∫
Γ(i)

M
(i)
0 [Ω](i) dΓ (6.18)

where

• M is the bending moment and κ̇ is the curvature rate

• N is the membrane force and ε̇ is the extension rate

• M0 is the fully plastic bending moment

• Ω is the relative rotation rate on both side of the hinge

• dS and dΓ are the current deformed surface element and the hinge line respectively

Rate of energy dissipated by rings plastic deformation

As the rings are assumed to be inextensible, their deformation includes plastic circumferential

bending of C1 and C2 and rotation of moving plastic hinges (Figs. 6.8 and 6.10). Here, the
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circumferential bending moment is supposed to be independent of the axial force and is therefore

considered as the fully plastic bending moment M0. For the rings, Eq. 6.18 becomes:

Ėb =

∫
L
Mκ̇ds+

∑
i

M
(i)
0 [Ω](i) (6.19)

where L is the length of the circumference and i the number of plastic hinges. The curvature

and curvature rate related to C1 and C2 are respectively given by:

κ1 =
1

R1
; κ̇1 =

Ṙ1

R2
1

(6.20)

κ2 =
1

R2
; κ̇2 =

Ṙ2

R2
2

(6.21)

The deformed cross-section being symmetric with regard to x-axis, mathematical derivations

will be detailed for half a cross-section. Integration of the first term of Eq. 6.19 along C1 is given

by Eq. 6.22 and along C2 by Eq. 6.23.∫ D

C
κ̇1dS = R1 (π − ψ)

Ṙ1

R2
1

=
π − ψ
R1

∂R1

∂δ
δ̇ (6.22)

∫ C

B
κ̇2dS = R2ψ

Ṙ2

R2
2

=
ψ

R1

∂R2

∂δ
δ̇ (6.23)

The plastic hinges are located at points B and C. The rate of rotation, denoted respectively

ΩB and ΩC are related to the change of curvature [κ] at both sides of the plastic hinges moving

at a velocity V (Eq. 6.24).

[Ω] = V [κ] (6.24)

The plastic hinges rotation rates may then be written as:

ΩC = VC

(
1

R2
− 1

R1

)
; ΩB = VB

1

R2
(6.25)

where VB and VC are the tangential velocities in the current deformed configurations of plastic

hinges B and C respectively. They are defined as:

VB = −d (C1 + C2)

dt
=
d (R1 (π − ψ) +R2ψ)

dt

= (R1 −R2) ψ̇ − (π − ψ) Ṙ1 − ψṘ2

=

[
(R1 −R2)

∂ψ

∂δ
− (π − ψ)

∂R1

∂δ
− ψ∂R2

∂δ

]
δ̇

(6.26)
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VC = −dC1

dt
=
d (R1 (π − ψ) +R2ψ)

dt

= R1ψ̇ − (π − ψ) Ṙ1

=

[
R1
∂ψ

∂δ
− (π − ψ)

∂R1

∂δ

]
δ̇

(6.27)

Substituting Eqs. 6.22, 6.23 and 6.24 into Eq. 6.19 allows to obtain the energy rate of one

ring (Eq. 6.28).

Ėb = 2M0

[
VB
R2

+

(
1

R2
− 1

R1

)
VC +

∫ D

C
κ̇1dl +

∫ C

B
κ̇2dl

]
(6.28)

where the fully plastic bending moment is equal to M0 = σ0t
2
p/4.

In order to get the rate of energy dissipated by all the rings, Ėb is integrated along the length

of the dented tubular member. Using the velocity field expressed in Eq. 6.15 and using Eq. 6.28,

one obtain:

Ėr =

∫ −a
−ξ2

Ėb

(
1 +

y + a

ξ2 − a

)
dy +

∫ a

−a
Ėbdy +

∫ ξ1

a
Ėb

(
1− y − a

ξ1 − a

)
dy = Ėb

(
a+

ξ1 + ξ2

2

)
(6.29)

Rate of energy dissipated by generators plastic deformation

With regard to generators, both length and curvature change during their deformation, so

that bending and membrane effects are involved in energy dissipation. However, the circumfer-

ential curvature change is much larger than the longitudinal one. This later is therefore neglected

so only the membrane effect is considered. This assumption is similar to the one proposed in

Chapter 4 and Eq. 6.18 becomes for the generators:

Ėgen =

∫
S
Nε̇dS =

∫
C

∫ ξ1

−ξ2
ε̇mdydl (6.30)

where the extension rate ε̇m is defined by Eq. 6.31

ε̇m(θ, δ, y) =
∂W

∂y

∂Ẇ

∂y
(6.31)

and

∂Ẇ
∂y = ∂W

∂y = ẇ(θ, δ)
(

1
ξ1−a

)
for y ∈ [a; ξ1]

∂Ẇ
∂y = ∂W

∂y = 0 for y ∈ [−a; a]
∂Ẇ
∂y = ∂W

∂y = ẇ(θ, δ)
(

1
ξ2−a

)
for y ∈ [−ξ2;−a]

(6.32)
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The energy rate for one single generator at a specific position θ is computed using following

expression:

Ėm(θ, δ) = n0

∫ ξ1

−ξ2
ε̇m(θ, δ, y)dy = n0w(θ, δ)

∂w

∂δ
δ̇

[
1

ξ1 − a
+

1

ξ2 − a

]
(6.33)

where n0 = σ0t is the fully plastic membrane force of the generator per unit of width.

The rate of energy dissipated by all the generators is finally derived by integrating Ėm along

the tubular member circumference:

Ėg =

∫
C
Ėmdl = 2Rn0δ̇

[
1

ξ1 − a
+

1

ξ2 − a

] ∫ π

0
w(θ, δ)

∂w

∂δ
dθ

=

[
1

ξ1 − a
+

1

ξ2 − a

]
Ė′m

(6.34)

Total energy rate

As explained above, the total energy rate is the sum of rings and generators contributions.

So, using Eqs. 6.29 and 6.34, it comes:

Ė = Ėr + Ėg = Ėb

(
a+

ξ1 + ξ2

2

)
+ Ė′m

(
1

ξ1 − a
+

1

ξ2 − a

)
(6.35)

Evaluation of ξ1 and ξ2

The extend of the dented zone is −ξ2 ≤ y ≤ ξ1, where ξ1 and ξ2 are finite values. The

damaged area increases during the loading process, so that ξ1 and ξ2 depend on the displacement

δ.

The upper-bound theorem may be expressed as:

Pl(δ)δ̇ = Ėb

(
a+

ξ1 + ξ2

2

)
+ Ė′m

(
1

ξ1 − a
+

1

ξ2 − a

)
(6.36)

The punching local resistance can then be computed as:

Pl(δ) =

[
Eb

(
a+

ξ1 + ξ2

2

)
+ E′m

(
1

ξ1 − a
+

1

ξ2 − a

)]
/δ (6.37)

The values of ξ1 and ξ2 are assessed by minimising the local resistant force given by Eq. 6.37.

This minimisation is performed by using the first derivative of Pl(δ) with regard to ξ1 and ξ2.

∂Pl
∂ξ1

= 0 ⇒ ξ1 = min

(
a+

√
2E′m
Eb

;L1

)
(6.38)

147



CHAPTER 6. PUNCHING OF LEGS BY COMPRESSED BRACES

∂Pl
∂ξ2

= 0 ⇒ ξ2 = min

(
a+

√
2E′m
Eb

;L2

)
(6.39)

6.3.2.2 Global punching resistance

The global punching mode is previously described in Fig. 6.17. The energy dissipated plastically

in the plastic hinges and the work done by the external loads are respectively given by Eqs. 6.40

and 6.41.

Whinge = M0θ +M0ϕ+ ξtM0θ + ξtM0ϕ (6.40)

Wp =
P (δt)

2
L′1θ +

P (δt)

2
L′2ϕ (6.41)

where L′1 = L1 − a and L′2 = L2 − a.

The fully plastic bending moment of a circular cross-section beam can be expressed as M0 =

4R2σ0t. However, in the dented area, the beam section is no longer circular, and the plastic

bending moment is reduced by a factor ξ(δ). The reduced plastic bending moment ξ(δ)M0

is therefore used in Eq. 6.40 in the dented area. This reduction factor is similar to the one

proposed in Chapter 4 following a suggestion of De Oliveira et al. [3], who proposed to consider

a simplified deformed cross-section, as depicted in Fig. 6.18. The reduction factor can then be

expressed as:

ξ(δ) =
1

2

((
δ

2R

)2

− 1

)(
δ

2R
− 2

)
(6.42)

Once global deformation mode is activated, i.e. when δ ≥ δt, the energy dissipated by

rotation of plastic hinges is equal to the external loads work. At this point, no axial forces

develop in the dented tubular member, and therefore no energy is dissipated through axial

elongation. Equating Eqs. 6.40 and 6.41 allows to write:

M0θ +M0ϕ+ ξtM0θ + ξtM0ϕ =
P (δt)

2
L′1θ +

P (δt)

2
L′2ϕ (6.43)

The global indentation can be expressed as:

L′1θ = δ − δt = L′2ϕ (6.44)

When the beam plastic bending deformation mode is activated, the corresponding resistant

force Pg(δt) (represented by the green curve in Fig. 6.16) may be calculated by substituting

148



CHAPTER 6. PUNCHING OF LEGS BY COMPRESSED BRACES

Figure 6.18: Damaged cross-section proposed by De Oliveira [3]

Eq. 6.44 into Eq. 6.43:

Pg(δt) =
L′1 + L′2
L′1L

′
2

(1 + ξ(δt))M0 (6.45)

At transition between local and global modes, corresponding resistant forces are equal, which

may be written as:

Pl(δt) = Pg(δt) =
L′1 + L′2
L′1L

′
2

(1 + ξ(δt))M0 (6.46)

In the case of punching, Eq. 6.45 has to be corrected by introducing the ratio β between leg

and brace diameters, as defined in Eq. 6.1. Indeed, Eq. 6.45 is able to represent a curve plotted

in Fig. 6.16. In the case of punching, a peak occurs at the threshold indentation δt, as can be

seen in Fig. 6.19. Here, the green curve corresponds to the set of equations in which β parameter

has not been introduced. It is shown that for large values of β, the force is underestimated (blue

curve) and overestimated for low values of β (red curve).

It can be found in several references, such as Department of Energy [4], Moffat et al. [9]

or Standards Norway [10] that the peak level is governed by the ratio β (first order) and by

the geometry factor Qβ, function of β. Experiments were conducted by the Department of

Energy on more than 50 T/Y joints and regression curves, such as the one depicted in Fig. 6.20,

were extracted from experimental results. The relationship is approximately linear for β < 0.6

and increases faster for β > 0.6. The strength being non-dimensional, the parameter
√
Qβ is

introduced to represent the linear relationship, as depicted in Fig. 6.21.
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Figure 6.19: Punching force evolution - comparison between semi-analytical formulation and
reality [6]

Figure 6.20: T/Y joints - non-dimensional strength with regard to β ratio (1) [10]
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Figure 6.21: T/Y joints - non-dimensional strength with regard to β ratio (2) [10]

Considering empirical parameters β and Qβ, Eq. 6.46 is modified into Eq. 6.47. The extrem-

ities of the punched tubular member are not affected by parameters β and Qβ as they are not

influenced by the brace diameter. The first term of Eq. 6.47 is therefore not affected by these

parameters.

Pl(δt) = Pg(δt) =
L′1 + L′2
L′1L

′
2

(
1 + β

√
Qβξ(δt)

)
M0 (6.47)

where

Qβ = 1 for β ≤ 0.6

Qβ = 0.3
β(1−0.833β) for β > 0.6

(6.48)

When the punched tubular member indentation increases, the local indentation stops as soon

as δ ≥ δt and the tubular member bends globally. The dissipated energy is then the sum of both

bending moment and membrane force contributions. The plastic bending moment is influenced

by the axial force and is expressed in Eq. 6.49 for the case of a tubular cross-section.

M = M0 cos

(
π

2

N

N0

)
(6.49)

where N0 = 2πRσ0t is the plastic tensile capacity of the tubular member.

This expression cannot be used to get a closed-form solution for the global resistance. As

suggested by De Oliveira [3], a simplified interaction equation given in Eq. 6.50 can be used and

provides results similar to Eq. 6.49 for a non-dented cross-section. For a punched cross-section,
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the plastic tensile capacity remains unchanged and the plastic bending capacity is reduced

according to Eq. 6.42. The interaction function is also modified. However, in order to keep an

expression that can be used later, the reduction factor and the β factor simply affect the bending

moment resistance, as given in Eq. 6.51.

M = M0

(
1− N2

N2
0

)
(6.50)

M = β
√
QβξtM0

(
1− N2

N2
0

)
(6.51)

From the beam analysis, and following the same methodology than Buldgen, Le Sourne and

Pire [2] (Chapter 4), the global resistance can be expressed as:

Pg(δ) =
L′1 + L′2
L′1L

′
2

[(
1 + β

√
Qβξt

)
M0

(
1− N(δ)2

N2
0

)
+N(δ)(δ − δt)

]
(6.52)

with

N(δ) = min

(
N2

0 (δ − δt)
2
(
1 + β

√
QβξtM0

) ;N0

)
(6.53)

6.3.3 Validation for punching on one connection

The above developments are validated by comparison with FE simulations, for a range of ge-

ometrical parameters covering the main tubular joints used by industries. As defined in the

NORSOK Standard-Design of steel structures [10], the validity of the equations given in that

document is restricted to the following geometrical parameters ranges:

0.2 ≤ β ≤ 1.0

10 ≤ γ ≤ 50

30◦ ≤ α ≤ 90◦

g/D ≥ −0.6

(6.54)

where β, γ, α, g and D are defined in Fig. 6.22.

Using the nonlinear FE solver LS-DYNA, several numerical simulations were performed

based on the jacket previously described in Section 3.2.2. As a benchmark, the impacted tubular

member data are given in Table 6.1 and the effect of several parameters is investigated within

a range of possible values.

The jacket elastic plastic material behaviour law is described in Section 3.2.2.

The punching process is simulated by imposing a given displacement at the interface between

the leg and the brace. In order to obtain comparable results with semi-analytical ones, the effects
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Figure 6.22: Definition of geometrical parameters of K-joint [10]

Table 6.1: Dimensions of the benchmark jacket

Property Unit Value

DL m 1.25
DB m 0.6
L m 17
L1 m 10.5
L2 m 6.5
tp mm 40
α ◦ 45
B.C. − clamped
β − 0.48

of inertia forces are reduced as much as possible by choosing an indenting brace displacement,

depicted in Fig. 6.23, such as the corresponding acceleration remains small. Such displacement

is imposed on the set of nodes located at the interface between the punched leg and the brace.

The punched leg is assumed to be perfectly clamped at both extremities.

Both the leg and the brace are meshed with under-integrated Belytchko-Tsay shell ele-

ments [1, 5]. In order to represent correctly the punching process of the leg, the average length

of finite elements used in this study is 25 mm.

For each set of parameters, the joint design axial force computed with the formulas proposed

by NORSOK N-004 regulation is also provided. As no further information is given in NOR-

SOK recommendations [10], the resistant force is assumed to remain constant during the whole

punching process. This basic assumption will be used later on to compute the resulting plastic

deformation energy.

The comparisons between NORSOK, semi-analytical and numerical models in terms of

punching force and dissipated energy are plotted in Figs. 6.24 and 6.25 respectively. It is worth

noting that the semi-analytical force vs indentation curve starts from a non-zero value. This

is due to the fact that the leg elastic deformation is neglected in the developed model, as the

material behaviour is assumed to be rigid plastic, and that the initial contact area is non-zero.

A certain load is therefore required to initiate the deformation.
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Figure 6.23: Displacement curve considered for the numerical simulations [6]

Figure 6.24: Punching force for the benchmark model for NORSOK, semi-analytical and
numerical method
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Figure 6.25: Dissipated energy for the benchmark model for NORSOK, semi-analytical and
numerical method

The semi-analytical model is in good accordance with the numerical one, as the maximum

discrepancy in terms of dissipated energy is lower than 8%. The results obtained from NORSOK

formulas are also in quite good accordance with numerical ones when the indentation is small,

i.e. as long as only local punching mode is involved. However, as the global deformation mode

is not included in NORSOK, resulting force and deformation energy are not correctly calculated

when the punched member global bending deformation becomes preponderant.

6.3.3.1 Sensitivity analysis of β ratio

Let us recall that the value of β ratio corresponds to the ratio between brace and leg diameters.

The joint dimensions listed in Table 6.1 are considered for this sensitivity analysis and the brace

diameter is varied such as to get several values of β, namely 0.32, 0.48, 0.64, 0.8 and 1. Crushing

force and deformation energy evolutions with regard to leg indentation are plotted in Figs. 6.26

and 6.27 respectively.

For each value of β, the force reaches a peak for an indentation of about δ = 0.1 m, then

a load shedding starts. Afterwards, the resistant force increases again, due to the change of

deformation mechanism, switching between chord bending mode and chord tension mode. This

mechanism was explained by Lee and Llewelyn-Parry [8].

Although the peak level is different for β equal to 0.32, 0.48 and 0.64, the curves tend to-

wards a common value which corresponds to the maximum axial force without bending moment.

However, the evolution of the crushing force is different for larger values of β. From numerical

simulations, it can be seen that the cross-section deformation pattern of the punched leg differs

for large values of β, as shown in Fig. 6.28.
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Figure 6.26: Punching force evolution for several values of β [6]

Figure 6.27: Dissipated energy evolution for several values of β [6]
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β = 0.32 β = 0.48

β = 0.64 β = 0.8

β = 1

Figure 6.28: Comparison of crushed ring sections for different β ratios – Post-processed from
LS-DYNA simulations
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Semi-analytical and numerical resistant forces and dissipated energies are compared in Figs. 6.29,

6.30, 6.31 and 6.32 for β = 0.32, β = 0.64, β = 0.8 and β = 1 respectively.

Figure 6.29: Comparison of punching forces and dissipated energies for β = 0.32

Figure 6.30: Comparison of punching forces and dissipated energies for β = 0.64

Figure 6.31: Comparison of punching forces and dissipated energies for β = 0.8

As can be seen from these Figures, the semi-analytical model is able to predict quite accu-

rately the punching process as the maximum discrepancy in terms of dissipated energy remains

lower than 20%. It also appears that except for β = 0.32, NORSOK formulas allow to obtain

energy evolutions that correlate rather correctly with numerical ones.
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Figure 6.32: Comparison of punching forces and dissipated energies for β = 1

6.3.3.2 Sensitivity analysis of α angle

In the reference model, the angle between the leg and the brace axes, denoted α, was arbitrarily

taken equal 45◦. However, such angle may be completely different and the braces located at the

base of the jacket are often connected perpendicularly to the legs. In that case, the shape of the

intersection is no longer oval but circular.

As shown in Figs. 6.33 and 6.34, where the evolutions of the resistant forces and corresponding

dissipated energies are compared for α equals 90◦, semi-analytical results are in very good

accordance with numerical ones.

Figure 6.33: Comparison of the punching forces for α = 90◦

Here again, the discrepancy between semi-analytical and numerical energies remains low,

with a maximum of 15% at d = 0.22 m, while NORSOK formulas underestimate significantly

the punching resistant force.

6.3.3.3 Effect of leg section span

The span, i.e. the distance between two braces - leg connections, decreases with the elevation

on the jacket. As shown in Fig. 6.7, the span for one connection decreases for an increasing
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Figure 6.34: Comparison of the dissipated energy for α = 90◦

altitude on the jacket. The model has therefore to be able to represent the structural behaviour

for several spans. Resistant forces and dissipated energies related to spans of 17 and 23.5 m are

compared in Figs. 6.35 and 6.36 respectively.

Figure 6.35: Punching forces for 17 m and 23.5 m spans [6]

The considered punched leg appears to be stiffer when the span is short. This is due to

the axial flexibility at the supports and to the extension that occurs at the colliding point, as

explained by De Oliveira et al. [3].

Comparisons between semi-analytical and numerical results are plotted in Figs. 6.37 and

6.38. The peak resistance is underestimated because the presented model does not take into

account the axial stiffness of the punched tubular member. However, the correlation between

semi-analytical and numerical dissipated energies remains good.
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Figure 6.36: Dissipated energies for 17 m and 23.5 m spans [6]

Figure 6.37: Comparison of the punching forces for a 23.5 m span
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Figure 6.38: Comparison of the dissipated energies for a 23.5 m span

For this scenario, the discrepancy between semi-analytical and numerical energies does not

exceed 15%. Note that the span is not considered by the formulas proposed in NORSOK

design rules, because, as previously mentioned, only the cross-section deformation (local mode)

is considered.

6.3.3.4 Effect of 2-braces punching

In Section 6.3.2, semi-analytical formulations have been derived to assess the resistant force

as well as the energy dissipated by a leg that is punched by one brace. Sometimes, the leg is

punched by two compressed braces that are connected at the same connection, with or without

gap between them. The resulting deformation pattern is shown in Fig. 6.39. Similarly to the

intersection surface of one brace on a leg assumed to be rectangular, as depicted in Figs. 6.11 and

6.12, it is assumed that the intersection surface is also rectangular for a two braces connection.

The expression of dissipated energy rate is similar to the one derived for one brace (Eq. 6.35),

with only minor differences due to the fact that the intersection between the leg and the braces

has to be updated. The extension of the generator deflection is expressed in Eqs. 6.55 and 6.56

for one brace and two braces punching respectively. Dissipated energy rate is now as expressed

in Eqs. 6.57, 6.58 and 6.59.

ξ1 + 0.7
DB

cosα
+ ξ2 = ξ1 + 2a+ ξ2 (6.55)

ξ1 + 0.7

(
1

2

DB

cosα
+ gap+

1

2

DB

cosα

)
+ ξ2 = ξ1 + 2a+ 0.7× gap+ ξ2 (6.56)
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Figure 6.39: Deformation mechanism along the generators for 2-braces punching

Ė = Ėr + Ėg

= Ėb

(
2a+ 0.7× gap+

ξ1 + ξ2

2

)
+ Ė′m

(
1

ξ1 − (2a+ 0.7× gap)
+

1

ξ2 − (2a+ 0.7× gap)

) (6.57)

ξ1 = min

(
2a+ 0.7× gap+

√
2E′m
Eb

;L1

)
(6.58)

ξ2 = min

(
2a+ 0.7× gap+

√
2E′m
Eb

;L2

)
(6.59)

Without gap

First, a connection with two braces connected to one leg without any gap is considered. The

β ratio is set to 0.48 and the α angle is equal to 45◦. As expected, Figs. 6.40 and 6.41 show

that resistant force and dissipated energy levels post-processed from numerical simulations are

higher in case of double punching. The deviation at the first peak for the force is equal to 34%.
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Figure 6.40: Punching forces for 1 and 2-braces punching without gap [6]

Figure 6.41: Dissipated energies for 1 and 2-braces punching without gap [6]
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In the same way, as shown in Figs. 6.42 and 6.43 where semi-analytical results are compared

with numerical ones, even if the discrepancy regarding the resistant force peak is around 19%,

the proposed model predicts correctly the dissipated energy.

Figure 6.42: Comparison of the punching forces for a 2-braces punching without gap

Figure 6.43: Comparison of the dissipated energies for a 2-braces punching without gap

In this case, the largest discrepancy between semi-analytical and numerical energies is around

6%. As can be seen from this scenario without gap between braces, NORSOK formulas overes-

timate considerably the punching resistant force, even at low penetration.

With gap

Then, the same structure is considered but this time a gap separates the connected braces.

A gap g = 0.82 m, corresponding to the investigated jacket, is selected.
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Here again, resistant forces and dissipated energies are compared in Figs. 6.44 and 6.45

respectively. Although a discrepancy still occurs around the force peak, the dissipated energy

calculated by the proposed semi-analytical model is in good accordance with the one post-

processed from LS-DYNA simulation.

Figure 6.44: Comparison of the punching forces for a 2-braces punching with gap

Figure 6.45: Comparison of the dissipated energies for a 2-braces punching with gap

For this last set of parameters, discrepancy between semi-analytical and numerical energies

does not exceed 10%, which shows the accuracy of the semi-analytical model. As can be seen

from the semi-analytical curve in Fig. 6.44, the global mode is activated since the beginning of

the punching process, and no local deformation occurs. This can explain the difference with the

NORSOK result.
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6.3.3.5 Sensitivity analysis of ψ0 value

As described in Section 6.3.1, it was assumed that the parameter ψ0 has a value of ψ0 = π/3

as long as punching of one tubular member by another is considered. This assumption still has

to be verified. Therefore, the punching scenario described in Table 6.1 is considered and several

values of ψ0 are investigated in the simplified model. The resistant force – penetration curves

for ψ0 values of π/4, π/3, π/2 and 3π/4 as well as the curve obtained numerically are compared

in Fig. 6.46.

Figure 6.46: Force - penetration curve for several ψ0 values

For a penetration of 1 m, the dissipated energy computed numerically is equal to 6.7 MJ .

Table 6.2 presents the internal energy computed with the simplified method for several values

of ψ0 as well as the discrepancy with respect to the numerical result, this later being considered

as the reference. It appears from this Table that the value ψ0 = π/3 is the optimal value.

Table 6.2: Dissipated energy for several values of ψ0 for the benchmark connection

ψ0 E [MJ ] Disc. [%]

π/4 6.9 3
π/3 6.6 1
π/2 6.1 9
3π/4 5.7 15

The value of ψ0 was also investigated for other connection properties previously stud-

ied. For each of them, the internal energy computed numerically is compared to the semi-

analytical results with several values of ψ0, as done in Tables 6.3 and 6.4. Several values of

β = 0.32; 0.64; 0.8; 1 are considered (Section 6.3.3.1), as well as the effect of α (Section 6.3.3.2)

and two braces punching (Section 6.3.3.4). As ψ0 affects only the cross-section deformation, the

span has no influence on the local deformation of the punched tubular member.
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Table 6.3: Dissipated energies for several values of ψ0 and β

β = 0.32 β = 0.64 β = 0.8 β = 1

E [MJ ] Disc. [%] E [MJ ] Disc. [%] E [MJ ] Disc. [%] E [MJ ] Disc. [%]

Num. 6.1 − 7.3 − 8.4 − 10.0 −
ψ0 = π/4 6.3 3 7.6 4 8.4 0 10.3 3
ψ0 = π/3 6.0 2 7.2 1 8.2 2 9.7 3
ψ0 = π/2 5.5 10 6.7 8 7.4 12 8.9 11
ψ0 = 3π/4 5.2 15 7.2 15 6.9 18 8.2 18

Table 6.4: Dissipated energies for several values of ψ0, angle α and number of braces

α = 90◦ 2 braces without gap 2 braces with gap

E [MJ ] Disc. [%] E [MJ ] Disc. [%] E [MJ ] Disc. [%]

Num. 6.5 − 7.5 − 8.0 −
ψ0 = π/4 6.6 2 7.6 1 8.3 4
ψ0 = π/3 6.4 2 7.3 3 8.2 2
ψ0 = π/2 5.7 12 6.8 9 8.0 0
ψ0 = 3π/4 5.4 17 6.4 15 7.6 5

These additional results confirm the choice of ψ0 = π/3.

6.3.3.6 Comparison with NORSOK results

In order to summarise above results, Tables 6.5 and 6.6 compare the punching forces calculated

by the three methods for the Y -joints (one brace) and K-joints (two braces) respectively. The 3

semi-analytical forces (SA) correspond respectively to the initiation of the punching (local mode),

the initiation of the global mode (change of curvature in the curve) and the mean between these

values. The numerical force (Num.) corresponds to the peak resistant force occurring shortly

after the beginning of the punching process.

The discrepancy of the NORSOK and the semi-analytical model with respect to the numeri-

cal one, considered as the reference one, is also given (the mean value is taken into consideration

for the semi-analytical model).

Table 6.5: Comparison of punching force with NORSOK, semi-analytical and numerical
methods for Y -joints

α β NORSOK SAmin SAmax SAmean Num. Disc. Disc.

NORSOK -Num. SAmean-Num.

[◦] [−] [MN ] [MN ] [MN ] [MN ] [MN ] [%] [%]

45 0.48 5.2 3.6 5.7 4.7 6.1 15 23
45 0.32 3.8 3.3 5.0 3.7 4.8 21 23
45 0.64 6.7 4.0 6.4 5.2 7.8 14 33
45 0.8 8.6 4.3 7.2 5.8 9.1 12 36
45 1 13.2 4.6 9.2 6.9 9.8 −35 29
90 0.48 3.7 3.4 5.7 4.6 5.9 37 22
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Table 6.6: Comparison of punching force with NORSOK, semi-analytical and numerical
methods for K-joints

α β g NORSOK SAmin SAmax SAmean Num. Disc. Disc.

NORSOK -Num. SAmean-Num.

[◦] [−] [m] [MN ] [MN ] [MN ] [MN ] [MN ] [%] [%]

45 0.48 0 11.9 4.7 6 5.4 7.8 −53 31
45 0.48 0.82 5.7 6.4 / 6.4 8.9 36 28

From these Tables, it appears that the force computed by all three methods are comparable,

even if the discrepancies are large in some cases.

However, when dealing with crashworthiness, dissipation of energy is a much more relevant

design criteria than crushing force. Considering the energy dissipated plastically, the proposed

model provides clearly a significant improvement in comparison with NORSOK N-004 regula-

tion.

As mentioned before, the three hinges global mechanism is not included in NORSOK, and

assuming the force provided by this recommendation as constant for the whole penetration

process allows to understand the limitations of the model. The new semi-analytical model

takes into account the span of the punched tubular member for a global deformation mode and

provides a closed-form relation between the force and the penetration.

6.4 Punching process on a complete jacket

6.4.1 Methodology to assess punching on the whole jacket

The semi-analytical model presented here above was developed to compute the resistance and

the dissipated energy of a leg punched by one or two compressed braces at one single connection.

Comparisons with FE results demonstrated that derived expressions allow to represent correctly

the response of a clamped tubular member punched by one or two tubes.

As the overall OWT jacket is concerned, punching can occur on both impacted and rear

legs and at several connections, as shown in Fig. 6.6. The tool developed to assess the plastic

energy dissipated by deformation of the overall jacket has to be able to predict the punching at

all connections between legs and braces. Therefore, an algorithm for punching was developed

and is presented here.

For the next developments, the deformation in one single plane of the jacket is considered.

From Fig. 6.47, the total ship penetration is equal to δtot, while the penetration in planes 1 and

2 are equal to δ1 = δtot× cosα and δ2 = δtot× sinα respectively. As the strategy is identical for

all the planes, only plane 1 is considered here and one denote δ1 = δ.

For each connection on the impacted leg corresponds two connections on the rear leg, as can

be seen in Fig. 6.48. Indeed, considering a connection between the impacted leg (left here) and
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Figure 6.47: Top view of a jacket and striking ship

braces, punching can be due to both compressed braces welded to the considered connection.

The compression in those braces is then transmitted to two different connections on the rear leg

(right here). Scenarios where only one of the two braces is submitted to compression (Fig. 6.7)

have also to be investigated.

In order to assess the punching scheme, the properties of each connection have to be de-

termined, as they will allow to compute the initial value of the punching force. Indeed, the

deformation due to punching starts for a non-zero value of the force, as already presented above,

in Fig. 6.24 amongst others.

Punching can occur only if the brace connected to the leg is in compression. The first step is

therefore to identify which are the braces in compression. We rely on the algorithm developed to

take into account the overall motion of the whole jacket, presented by the authors in Chapter 5.

After the first iteration, the algorithm provides the axial force sign (tension or compression) in

all the members of the jackets, including the braces.

At each connection, it becomes possible to identify the number of compressed connected

braces, namely none, one or two. Then, the intersection surface between the leg and the braces

is defined as follows:
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Figure 6.48: Names of connections and braces
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• No compressed brace:

Punching cannot occur at this connection.

• One compressed brace:

One brace punching intersection surface (Section 6.3.2).

• Two compressed braces:

Two braces punching intersection surface (Section 6.3.3.4).

Then, using mechanical and geometrical parameters of the connection (σ0, β ratio, α angles,

number of compressed braces, . . . ), the force required to initiate the punching is computed for

each connection on both impacted and rear legs.

Punching can occur either on the impacted leg or on the rear leg. Similarly, the process can

be initiated on one or both of them. The compression force in the brace has to be larger than

the initial force of the connection to activate the punching on that connection. In addition, if

both braces connected to the impacted leg are in compression, both connections on the rear leg

that are related to the one on the impacted leg have to be activated. The algorithm related to

the case of two compressed braces, with the top one or the bottom one compressed, is given in

Figs. 6.49, 6.50 and 6.51 respectively. We denote BNt and BNb the axial force in the top and

bottom brace related to the connection N , and FNi, FNrt and FNrb are the initial forces for

punching at node Ni, Nrt and Nrb where N is the number of the connection and defined as a

so-called level.

Figure 6.49: Activation of punching for both braces compressed

Once connections where punching is initiated are identified, the displacement due to punching

at each connection has to be computed and linked to the penetration of the ship into the jacket.

We consider that a so-called level is activated if this level is activated on the impacted leg or

on the rear leg. Then, the level located above the highest activated level and the one below the

lowest activated level are supposed to remain fixed (the so-called fixed points). The activated

levels displacements are then assumed to vary linearly, from the fixed points (zero displacement)
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Figure 6.50: Activation of punching for top brace compressed

Figure 6.51: Activation of punching for bottom brace compressed

up to the ship penetration δ. Let us take an example, illustrated by Fig. 6.52, where levels 3 and

4 are activated. In this case, levels 2 and 5 are considered as fixed points and the displacement

at levels 3 and 4 are computed with linear interpolation, as defined in Fig. 6.52. We denote the

displacement at the level N as δN . The value of δN (N = 3, 4) is computed with Eq. 6.60.

δN =

(
1− hN

Hb

)
δ (6.60)

The braces are assumed to transmit rigidly the displacement from the impacted leg to the

rear leg. The displacement computed for a level is balanced by the deformation on the impacted

or on the rear leg by the same amount.

Knowing the displacement at each connections, the resistant force and the dissipated energy

is computed using equations described in previous Sections.

In this Chapter, punching was divided into two successive phases: local denting and global

bending. This latter is already taken into consideration in the overall motion deformation mode

(Chapter 5) and is not modelled in the punching deformation mode.

The methodology used to compute the local punching force related to a given level N is

illustrated in Figs. 6.53, 6.54 and 6.55.

As level N is concerned, the resistant force acting at the connection on the impacted leg is

assumed to be the lowest value between the resistant force on the impacted and on the rear leg,

i.e. Mtot,N = min (Rtot,Ni;Rtot,Nr).

The force computed acts at the elevation of the considered level on the impacted leg. How-

ever, the required force is the one acting on the ship. If we denote Rship the force acting on the
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Figure 6.52: Punching displacement at each level

Figure 6.53: Computation of punching force at one level for both braces compressed

Figure 6.54: Computation of punching force at one level for top brace compressed
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Figure 6.55: Computation of punching force at one level for bottom brace compressed

ship, one can write the virtual power theorem as:

Rship,N × δ̇ = Ėint,N (6.61)

The dissipated energy rate is expressed as a function of δN but can be derived with regard

to δ using Eq. 6.60, as given in Eqs. 6.62 and 6.63, in order to derive the force which acts on

the ship.

Ėint,N = f(δ̇N ) = f(δ̇)
∂δN
∂δ

(6.62)

∂δN
∂δ

= 1− hN
Hb

(6.63)

Finally, the contribution of each level can be added, as expressed in Eq. 6.64 in order to get

the total resistant force acting on the ship in that plane.

Rship,tot =
∑

Rship,N (6.64)

The same methodology can be used for the plane 2, taking δ = δ2.

6.4.2 Validation on a full-scale jacket

The described methodology is validated with FE simulations of ship collisions on the aforemen-

tioned full OWT jacket. The jacket model is fully presented in Section 3.2.2.

The validation process will consist in comparing the evolution of the energy dissipated by

punching with regard to the total ship penetration with both semi-analytical and numerical

models. For the semi-analytical model, only punching deformation mode is accounted for. In

the numerical model, the energy dissipation is computed by adding the internal energy related

to the element sets located around the connections with the braces.
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The first collision simulation is depicted in Fig. 6.2. The top part of the ship is located at an

elevation of 43 m from the foundation level of the jacket. The ship is given a mass of 6, 000 tons

(added mass included) and an initial velocity of 5 m/s in the surge direction, corresponding to

a kinetic energy of 75 MJ . The sway and the heave movements are restrained.

The maximum displacement obtained from simplified and numerical models are equal to

3.28 m and 3.16 m respectively, which is a discrepancy of 4%. The effective plastic strain

distributed on the whole structure and around the impact point provided by LS-DYNA are

presented in Figs. 6.56 and 6.57 respectively when the ship penetration is maximum. The

elements with an effective plastic strain exceeding 1% are depicted in red.

Figure 6.56: Jacket effective plastic strain for
right angle collision at maximum ship

penetration

Figure 6.57: Jacket effective plastic strain
around the impact point for right angle
collision at maximum ship penetration

However, as can be seen in Fig. 6.57, the elements sets located on the impacted leg just

above and below the impact point are highly deformed and the dissipation of energy is due to

two deformation modes: the plastic bending of the impacted tubular member (Chapter 4) and

the punching. It is difficult to identify clearly the contribution of each deformation mode in

the energy dissipated plastically by this elements sets. It is assumed for those sets that half of

the energy is dissipated by tubular member bending and half by punching. The evolution of

internal energy due to punching for the considered collision scenario is plotted in Fig. 6.58 for

both semi-analytical and numerical simulations.

As can be seen in Fig. 6.58, the semi-analytical results are in quite good accordance with

the numerical ones, which validates the presented formulations for this collision scenario.
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Figure 6.58: Evolution of the punching dissipated energy for semi-analytical and numerical
models for right angle collision

Another collision scenario was investigated to validate the methodology, consisting in a 45

degrees angle collision, as depicted in Figs. 6.59 and 6.60, with the elevation of the impact point

still at 43 meters. The striking ship initial kinetic energy is still equal to 75 MJ .

In this scenario, the maximum ship penetration computed with the presented method is

3.16 m, while the numerical simulation gives 2.98 m. The discrepancy between both is 6%.

The effective plastic strain distribution for the maximum penetration provided by LS-DYNA

is presented in Figs. 6.61 and 6.62.

In Fig. 6.63, semi-analytical and numerical plastic energies dissipated by punching are com-

pared.

As previously, the semi-analytical curve is in good accordance with the numerical one, which

tends to validate the algorithm used to compute the punching dissipated energy.

6.5 Conclusions

This Chapter presents innovative developments to quickly assess the energy which is dissipated

by plastic deformation when a clamped tubular member is punched by one or two tubular

members. This kind of deformation occurs at some locations of an OWT jacket when it is

impacted by a ship. Punching deformations are rather localised on both impacted and rear legs,

at connections with compressed braces.

First, the punching mechanism is described, both locally, in the dented area, and globally

on the total height of the structure. By performing nonlinear FE simulations of ship impacts

against a full-scale OWT jacket, we can identify a kinematically admissible deformation pattern

near the punched zone and understand the punching evolution at each brace-leg connection.
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Figure 6.59: 45 degrees collision
scenario (side view)

Figure 6.60: 45 degrees collision scenario (top view)

Figure 6.61: Jacket effective plastic strain for
45 degree collision at maximum ship

penetration

Figure 6.62: Jacket effective plastic strain
around the impact point for 45 degree
collision at maximum ship penetration
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Figure 6.63: Evolution of the punching dissipated energy for semi-analytical and numerical
models for 45 degrees collision

Using the upper-bound theorem associated with plastic limit analysis, analytical formulations

are derived to assess the resistance and the dissipated energy of both local dent and global

bending for a tubular member crushed by a linear indenter. Two empirical parameters are then

integrated to the model to take into account the leg-brace diameter ratio. Several geometrical

parameters are considered, such as the length of the punched tubular member, the gap between

two connected braces and the angle between the tubular members involved. In order to make

the model fully analytical, additional research is needed to derive analytically the resistant force

of a leg section punched by a brace, whatever the leg and braces diameters.

Validation of the proposed semi-analytical expressions is achieved by comparison with both

NORSOK N-004 standard design values and numerical simulations. Post-processing and com-

paring resistant forces as well as dissipated energies, obtained numerically and with the proposed

model, allow to show that this semi-analytical model is able to represent correctly the punching

process. It also appears that in many situations, the proposed model constitutes a significant

improvement in comparison with NORSOK design formulas.

Finally, a methodology is established to model the punching process on the whole height

of the jacket. Based on semi-analytical developments, the required force to initiate punching

on a connection is computed. It is compared to the compression force in the brace computed

with an algorithm that describes the jacket behaviour in the overall motion mode. Then, the

punching force can be computed at the connections where punching is activated and this force

is transmitted to be applied on the striking ship.

This methodology is similarly validated against FE simulations performed on full-scale OWT

jacket and is shown to be in good accordance with the numerical model.
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Chapter 7

Deformation at the base of the jacket

Abstract:

This Chapter presents the analytical developments carried out to assess
the energy dissipated plastically at the base of an OWT jacket impacted
by a ship. The jacket components involved in this mechanism are both
the impacted leg and the rear leg, considered as clamped at the founda-
tion level, as well as the horizontal bottom brace considered as rigidly
fixed on the legs. The foundation system is assumed to consist in piles
inserted into sleeves with cement grout.

The base of the jacket is divided into four zones and a kinematically ad-
missible displacement field is assumed for each of them. Based on plastic
limit analysis, analytical formulations are derived to assess the resistance
and the dissipated energy for each considered area and therefore of the
whole jacket base.

To validate the method, full scale ship-jacket collisions are simulated
both analytically and numerically. Plastic energy dissipated at the base
of the jacket is compared successfully with nonlinear FE simulation re-
sults.

Reference paper:

T Pire, H Le Sourne, S Echeverry and P Rigo. Analytical formulations
to assess the energy dissipated at the base of an offshore wind turbine
jacket impacted by a ship. Marine Structures, (59):192-218, 2018.

181



CHAPTER 7. DEFORMATION AT THE BASE OF THE JACKET

7.1 Introduction

Four deformation modes of an OWT jacket impacted by a ship were identified in Chapter 3,

namely:

• local crushing of impacted tubular members (Chapter 4);

• global deformation of the whole jacket (Chapter 5);

• punching of legs by compressed braces (Chapter 6);

• deformation at the base of the jacket (present Chapter).

The three firsts are studied in details in the previous Chapters 4 to 6.

In this Chapter, the deformation at the base of the jacket, as shown in Fig. 7.1 and zoomed

in Fig. 7.2 and Fig. 7.3 for impacted and rear legs respectively, is investigated. Fringe levels are

set in a way that the areas where the effective plastic strain is larger than a value of 1% is in

red. This allows for an easy understanding of the most deformed zones of the impacted jacket.

For a 75 MJ collision impact, the maximum effective plastic strain does not exceed 9% in the

most stretched area (Fig. 7.2) while it reaches 16% near the fold (Fig. 7.3).

Figure 7.1: Plastic strain of one plane of an impacted jacket without considering rupture

As discussed in Section 3.6, rupture of elements is intentionally not included in the FE model,

as it is demonstrated that its effect on the deformation at the base of the jacket is negligible.

Similarly, rupture is not included in the analytical developments.
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CHAPTER 7. DEFORMATION AT THE BASE OF THE JACKET

Figure 7.2: Plastic strain at the base of the
impacted leg (zoom of “Impacted” area of

Fig. 7.1)

Figure 7.3: Plastic strain at the base of the
rear leg (zoom of “Rear” area of Fig. 7.1)

Plastic limit analysis is performed in order to derive some explicit expression of the energy

dissipated by plastic deformation of the lower part of the jacket. The purpose of this Chapter

is thus to detail the performed analytical developments and to present some comparisons of the

resulting deformation energies with numerical results.

The present work is based on the geometrical and mechanical properties of a real OWT

jacket that was already presented in Section 3.2.2. The analytical developments presented in

this Chapter are validated using this jacket dimensions. The investigated jacket is designed such

as the braces are stronger than the joints. It can be assumed that most of the OWT jackets

have similar structural arrangements and geometry. The developed expressions can therefore be

assumed to assess properly the resistance of any jacket subjected to ship impact, as long as the

braces resistance larger than the joint resistance assumption is met. It is worth noting that oil

and gas platforms are not covered by the present research.

7.2 Description of the deformation mechanism

The deformation mechanism at the base of the jacket is supposed to occur only if the ship hits

a leg. Indeed, braces are much more flexible than legs and brace rupture would occur near the

impact point before the efforts at the base of the jacket become large enough to activate the

mechanism.

Considering impacts on a leg, several collision scenarios were investigated to identify the

striking ship minimum initial kinetic energy required to initiate the mechanism depicted in

Fig. 7.1. Therefore, a 6, 000 tons (added mass included) ship with variable initial velocity

colliding a jacket was studied, and it appeared from the results that the deformation pattern at

the foundation level occurs for a striking velocity of 3 m/s, corresponding to a 27 MJ kinetic

energy.
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In our model, the trajectory of the striking ship is considered as arbitrary, which means

that the deformation pattern can take place on the two faces of the jacket adjacent to the

impacted leg. In the following, analytical formulations are developed in one single face and the

displacement at the impact point is the projection of the total displacement of the ship along

the horizontal vector of the plane, which is the projection of vector x on X and Y axes as shown

in Fig. 7.4. The legs are assumed to be clamped at foundation level.

Figure 7.4: Ship collision references

A side view of a plane of a jacket is given in Fig. 7.5, where the initial structure is depicted in

black dotted lines and the deformed structure in green solid lines. The impacted leg is isolated

in Fig. 7.6 with a non-regular vertical scale. The horizontal bottom brace is assumed to remain

horizontal, with a constant length and at the same altitude during the deformation process. The

legs above this level are also considered as rigid.

Figure 7.5: One plane of jacket displacement Figure 7.6: Impacted leg displacement
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Angles and lengths of the deformed structure are depicted in Figs. 7.7 and 7.8 for impacted

and rear leg respectively.

Figure 7.7: Angles and displacements of
impacted leg at its base

Figure 7.8: Angles and displacements of rear
leg at its base

The following general geometrical relations can be extracted from above Figures:

δ? =
h?δ

H
(7.1)

h =
h?

cosµ
(7.2)

Then, considering the impacted leg, geometrical considerations allow to write:

h′2i = h2 + δ?2 + 2hδ? sinµ (7.3)

sin θi
δ?

=
sin (π/2 + µ)

h′i
=

cosµ

h′i
(7.4)

Using Eqs. 7.3 and 7.4, the rotation angle of the impacted leg is given by:

θi = sin−1

(
δ? cosµ√

h2 + δ?2 + 2hδ? sinµ

)
(7.5)
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Similarly, as the rear leg is concerned:

h′2r = h2 + δ?2 − 2hδ? sinµ (7.6)

sin θr
δ?

=
sin (π/2− µ)

h′r
=

cosµ

h′r
(7.7)

Using Eqs. 7.6 and 7.7, the rotation angle of the rear leg writes:

θr = sin−1

(
δ? cosµ√

h2 + δ?2 − 2hδ? sinµ

)
(7.8)

In addition to these modifications of angles and lengths, the model also considers the defor-

mation of some leg cross-sections. A cross-section view at mid-diameter of the tubular members

is depicted in Fig. 7.9.

Figure 7.9: Modification of cross-sections at mid-diameter and definition of zones

As shown in the Figure above, the base of the jacket may be divided into 4 zones, named

from A to D and for each of them, the energy rate expression will be derived individually.

7.3 Derivation of deformation energy rates for zones A to D

In this Section are given the detailed calculations for zones A to D, as described in Fig. 7.9.

As already done in Chapters 4 and 6, analytical formulations are derived using the so-called

upper-bound theorem (Jones for more details [3]), which states that the external forces work

rate equals the internal energy rate:

P δ̇ =
∑

Ėint (7.9)
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where P is the contact force between the ship bow and the structure, δ̇ is the velocity of the

contact point and Ėint is the dissipated energy rate for the considered deformed zone (the

summation will involve the zones A to D, in our case).

The expressions of Ėint will be expressed in terms of impacted and rear legs rotation velocities

θ̇i and θ̇r while the external work rate will be expressed in terms of impact point translational

velocity δ̇. These quantities are related by the following expressions:

θ̇i =
∂θi
∂δ?

∂δ?

∂δ
δ̇ (7.10)

θ̇r =
∂θr
∂δ?

∂δ?

∂δ
δ̇ (7.11)

Then, by using Eqs. 7.8, 7.8 and 7.1 successively, it comes:

∂θi
∂δ?

=
cosµ√

h2 + δ?2 + 2hδ? sinµ− (δ? cosµ)2

(
1− δ? δ? + h? sinµ

h2 + δ?2 + 2hδ? sinµ

)
(7.12)

∂θr
∂δ?

=
cosµ√

h2 + δ?2 − 2hδ? sinµ− (δ? cosµ)2

(
1− δ? δ? − h? sinµ

h2 + δ?2 − 2hδ? sinµ

)
(7.13)

∂δ?

∂δ
=
h?

H
(7.14)

Let us consider that the material is rigid – perfectly plastic, with a flow stress denoted σ0.

The following subsections describe the mathematical developments performed to get the

analytical formulations of the dissipated energy rate for each zone.

7.3.1 Zone A: rear leg at horizontal brace level

As the zone A is concerned (Fig. 7.9), typical effective plastic strain contours post-processed

from nonlinear FE simulations are plotted in Fig. 7.10. A pattern of deformation, such as the

one represented by a continuous line in Figs. 7.11 and 7.12, is then postulated. As shown in

Fig. 7.8, the rear leg is assumed to rotate at foundation level with an angle θr. Moreover,

the leg cross-section is supposed to deform over a length equal to ξ1(λ) + 2Rbpd + ξ2(λ). In

Fig. 7.12, the dotted line represents the position of the undeformed but rotated rear leg. While

the leg is rotating, the brace is supposed to remain horizontal and at the same elevation. As

the compression of the brace can be neglected, a deformation of the leg cross-section occurs. At

mid-height of the brace section, the value of λ is equal to zero. The brace remaining undeformed,
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the angle between its extremity and the vertical axis is equal to µ and the inclination of the

extremity with respect to the vertical axis is µ− θr.

Figure 7.10: Effective plastic strain in zone A

Figure 7.11: Deformation pattern at
mid-diameter in zone A (displacements)

Figure 7.12: Deformation pattern at
mid-diameter in zone A (angles)

At the upper part, the leg section tends to extend along the brace axis direction while it

tends to be compressed at the lower part. At mid-height of the brace, the leg section is assumed

to remain undeformed.

Geometrical considerations from Fig. 7.11 allow to write:

Rbpi =
Rb

cosµ
(7.15)

Rbpd = Rbpi cos θr (7.16)
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λA = Rbpi sin θr (7.17)

∂λA
∂θr

= Rbpi cos θr (7.18)

As the cross-section deformation patterns for the upper (above mid brace level) and lower

(below mid brace level) parts are different, analytical derivations of the corresponding internal

energy rates have to be carried out separately.

7.3.1.1 Lower part

The developments presented here are based on the work presented in Chapter 4 to study the

resistance of a vertical tubular member impacted by a ship bow.

In the following, the system of axes (x1, y1) depicted in Fig. 7.11 is considered.

Figure 7.13: Cross-section deformation during crushing at the lower part of zone A

A displacement field proposed by Wierzbicki and Suh [8] and depicted in Fig. 7.13 is assumed.

The black dotted line describes the initial cross-section of the leg and the green solid line is the

deformed cross-section, supposed to be symmetric with respect to x-axis. Let us consider a

point M of the initial cross-section with coordinates (xM , zM ) = (R cosβ,R sinβ). During

the deformation process, the point M translates to point N (xN , zN ) belonging to C′. The
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displacement w(β, λA) of point M is equal to the distance MN that can be written as:

wl(β, λA) =
√

(xN − xM )2 + (zN − zM )
2

(7.19)

The mathematical developments to get w(β, λA) are detailed in Refs. [1, 7, 8].

The displacement field involves the cross-section deformation but also extends along the

axis of the leg between [−ξ1(λA);Rbpd]. As done by Wierzbicki and Suh [8], the velocity field

ẇ(β, λA) is supposed to vary linearly on the considered portion of the leg −ξ1(λA) < y < Rbpd

and the leg is assumed to remain undamaged for y < −ξ1(λA).

Ẇl(β, λA, y) = ẇl(β, λA)
(

1 + y
ξ1(λA)

)
if y ∈ [−ξ1(λA); 0]

Ẇl(β, λA, y) = ẇl(β, λA)
(

1 + y
Rbpd

)
if y ∈ [0;Rbpd]

Ẇl(β, λA, y) = 0 if y < −ξ1(λA)

(7.20)

The axial extension of the deformed area ξ1(λA) will be determined later on.

As proposed by Wierzbicki and Suh [8] and similarly to Chapters 4 and 6, the tubular

member is composed of independent rings, keeping a constant perimeter during the crushing

process, which are free to slide along generators without shearing. As a consequence, the total

energy rate of the crushing mechanism is given by the sum of the energy rates of the rings and

the generators.

ĖA = Ėr + Ėg (7.21)

Let us first consider the energy rate of the rings. The energy dissipation Ėb is due to the

rotation of moving plastic hinges and to the change of curvature of the tubular members:

Ėb = 2m0

(
VB
R2

+

(
1

R2
− 1

R1

)
VF +

∫ E

F
χ̇1dl +

∫ F

D
χ̇2dl

)
(7.22)

where m0 = σ0t
2/4 is the tubular member bending capacity per unit of length, σ0 and t are

respectively the flow stress and the thickness of the tubular member, VB and VF are the velocities

of plastic hinges B and F respectively and χ̇1 and χ̇2 are the changes of curvature of C1 and C2

respectively.

Integrating this expression along the generator leads to:

Ėr =

∫ 0

−ξ1
Ėb

(
1 +

y

ξ1

)
dy +

∫ Rbpd

0
Ėb

(
1− y

Rbpd

)
dy = Ėb

ξ1 +Rbpd
2

(7.23)

As the generators are considered, both their length and curvature are supposed to vary

during the crushing process. Considering conservatively that the energy dissipated by generators
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bending can be neglected, the rate of membrane deformation can be written as:

ε̇ (β, λA, y) =
∂Wl

∂y

∂Ẇl

∂y
(7.24)

For one single generator with a given value of β, integration along the deformed section

writes:

Ėm (β, λA) = n0

∫ Rbpd

−ξ1
ε̇ (β, λA, y) dy = n0λ̇

(
1

ξ1
+

1

Rbpd

)
wl(β, λA)

∂wl
∂λA

(7.25)

where n0 = σ0t is the tubular member axial resistance per unit of length. By integrating

over the whole section (β varying from 0 to 2π), we get the contribution of all the generators:

Ėg = 2Rn0λ̇A

(
1

ξ1
+

1

Rbpd

)∫ 2π

0
wl(β, λA)

∂wl
∂λA

dβ =

(
1

ξ1
+

1

Rbpd

)
Ė′m (7.26)

The total energy rate can then be computed using Eqs. 7.21, 7.23 and 7.26:

Ė = Ėb
ξ1 +Rbpd

2
+

(
1

ξ1
+

1

Rbpd

)
Ė′m (7.27)

Applying the upper-bound theorem (Eq. 7.9) and considering that the contact force between

the leg and the brace P (λA) is punctual and located at y = −Rbp, one can write:

P (λA) λ̇A = Ėb
ξ1 +Rbpd

2
+

(
1

ξ1
+

1

Rbpd

)
Ė′m

⇔ P (λA) =

(
Ėb
ξ1 +Rbpd

2
+

(
1

ξ1
+

1

Rbpd

)
Ė′m

)
λ̇−1
A

(7.28)

Finally, the unknown axial extension of the deformed area ξ1 can be determined by minimis-

ing the crushing force P (λ):

∂P (λA)

∂ξ1
= 0 ⇒ ξ1(λA) = min

√2Ė′m
Ėb

;h′r

 (7.29)

7.3.1.2 Upper part

Deriving the rate of energy dissipated by deformation of the part located above the mid-brace

level requires to consider the coordinate system (x2, y2) shown in Fig. 7.11.

In this case, the leg cross-section deforms by extending along the direction of the brace.

As for the lower part, the impacted tubular member is assumed to be composed of generators

supported by independent rings that are free to slide on each other without shearing. The rings,

initially circular, are then assumed to become elliptic, as depicted in Fig. 7.14. Considering the
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deformation along the generators (leg axis), the velocity fields defined for the lower part analysis

(Eq. 7.20) are reused for the upper part study.

Figure 7.14: Cross-section deformation during crushing at the upper part of zone A

As done previously, let us assume that the perimeter of the rings remains constant during

the deformation process. At level y = 0, we thus have:

2a = 2D + λA ⇒ a = R+
λA
2

(7.30)

The perimeters of an ellipse before and after deformation are:

Pbefore = 2πR and Pafter ∼= 2π

√
a2 + b2

2
(7.31)

By equating both expressions it comes:

b =

√
R2 −RλA −

λ2
A

4
(7.32)

By definition of an ellipse, the eccentricity e, the radius of curvature r(β) and the curvature

χ(β) are equal to:

e =

√
a2 − b2
a

(7.33)

r(β) =
a2

b2
(
1− e2 cos2 β

)3/2
(7.34)
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χ(β) =
1

r(β)
=
b2

a2

(
1− e2 cos2 β

)−3/2
(7.35)

Following the same methodology as for the lower part, the rates of energy dissipated by

plastic deformation of rings Ėr and generators Ėg are derived as follows.

First, the rate of energy dissipated by plastic bending of one ring writes:

Ėb = m0

∫
C
χ̇dl = 2m0

∫ π

0
|χ̇ (β)| ds (β) dβ (7.36)

where

ds (β) =

√
a2 cos2 β + b2 sin2 β (7.37)

and

χ̇ (β) =
∂χ(β)

∂λA

∂λA
∂θr

θ̇r (7.38)

Eqs. 7.30, 7.32 and 7.35 allow to write:

∂χ(β)

∂λA
=

2bb′a2 − 2aa′b2

a4

(
1− e2 cos2 β

)−3/2

+
b2

a2

−3

2

(
1− e2 cos2 β

)−5/2 (−2ee′ cos2 β
) (7.39)

with

a′ =
∂a

∂λA
=

1

2
(7.40)

b′ =
∂b

∂λA
=

− (R− λA/2)

2
√
R2 −RλA − λ2

A/4
(7.41)

e′ =
∂e

∂λA
=
abb′ − b2a′

a2
√
a2b2

(7.42)

Introducing Eqs. 7.40, 7.41 and 7.42 into Eq. 7.39 leads to:

∂χ(β)

∂λA
=
−a2

(
R+ λA

2

)
− ab2

a4

(
1− e2 cos2 β

)−3/2

+
b2

a2

3

2

(
1− e2 cos2 β

)−5/2
2e cos2 β

(R+ λA/2) a+ b2

2a2
√
a2 − b2

(7.43)
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Integrating Ėb for all the rings give the total flexural energy rate Ėr

Ėr =

∫ 0

−Rbpd

Ėb

(
1 +

y

Rbpd

)
dy +

∫ ξ2

0
Ėb

(
1− y

ξ2

)
dy = Ėb

Rbpd + ξ2

2
(7.44)

As the generators are concerned, their flexural energy is neglected (as done for the lower

part) so only membrane deformation is assumed to occur. Similarly to Eqs. 7.25 and 7.26, the

corresponding energy rate writes:

Ėm (β, λA) = n0

∫ ξ2

−Rbpd

ε̇ (β, λA, y) dy = n0λ̇

(
1

Rbpd
+

1

ξ2

)
wu(β, λA)

∂wu
∂λA

(7.45)

Ėg = 2Rn0λ̇A

(
1

Rbpd
+

1

ξ2

)∫ 2π

0
wu(β, λA)

∂wu
∂λA

dβ =

(
1

Rbpd
+

1

ξ2

)
Ė′m (7.46)

To define the displacement field w(β, λ), let us consider the point M from the initial cross-

section moving to point N in the deformed cross-section (see Fig. 7.14). Their coordinates

are respectively (xM , zM ) = (R cosβ,R sinβ) and (xN , zN ) = (λB/2 + a cosβ, b sinβ) and the

displacement is:

wu (β, λA) =

√
(xN − xM )2 + (zN − zM )2 (7.47)

∂wu (β, λA)

∂λA
=

1

2wu

(
(xN − xM ) (1 + cosβ)− (zN − zM )

R− λA/2
b

sinβ

)
(7.48)

As done previously for the lower part, the unknown axial extension of the deformed area ξ2

is determined by minimising the corresponding resistant force to obtain:

ξ2 (λA) =

√
2Ė′m
Ėb

(7.49)

7.3.2 Zone B : impacted leg at horizontal brace level

The deformation pattern at mid-diameter of the leg is depicted in Figs. 7.15 and 7.16.

Geometrical relations associated to zone B are the following ones:

Rbpi =
Rb

cosµ
(7.50)

Rbpd = Rbpi cos θi (7.51)
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Figure 7.15: Deformation pattern at
mid-diameter in zone B (displacements)

Figure 7.16: Deformation pattern at
mid-diameter in zone B (angles)

λB = Rbpi sin θi (7.52)

∂λB
∂θi

= Rbpi cos θi (7.53)

Analytical derivations to determine the rate of energy dissipated plastically in zone B are

similar to the one performed for zone A (see Section 7.3.1), except that λA has to be replaced

by λB. Moreover, the cross-section deformation (see Fig. 7.13) related to the lower part of zone

A is now related to the upper part for zone B, and vice-versa (see Fig. 7.14).

7.3.3 Zone C : rear leg near foundation level

As can be seen in Fig. 7.3, the rear leg may feature a local asymmetric buckling at foundation

level leading to a so-called “elephant foot” deformation pattern. In addition, the leg rotates

with an angle θr, as depicted in Fig. 7.8.

Let us consider first the leg cross-section deformation. As done in previous subsections, a

displacement field such as the one depicted in Figs. 7.17 and 7.18 is postulated, where black

dotted lines represent the initial position of the leg and green continuous lines the deformed

configuration. It is assumed that the length at mid-diameter remains constant during the de-

formation.
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Figure 7.17: Deformation pattern of the rear
leg at foundation level

Figure 7.18: Rear leg cross-section
deformation at ring 2 near foundation level

The leg is supposed to be clamped on its whole bottom cross-section at foundation level.

For β ∈ [−π/2;π/2], the generator displacement field is drawn in Fig. 7.17. For the other values

of β, no bending of the generators occur, and their elongation remains small and is therefore

neglected in the total dissipated energy in this zone C.

As done previously, the tubular member is represented by rings that can slide freely along

generators without shearing, but in this case, the generators length is supposed to remain con-

stant during the deformation while the rings can extend.

For β = 0, the assumption of non-elongation of generators allows to write that:

2L cosα+R tan θr = 2L

α = cos−1

(
1− R

2L
tan θr

) (7.54)

For other values of β, the distance between corresponding point and rotation axis is consid-

ered and Eq. 7.54 writes:

α(β) = cos−1

(
1− R cosβ

2L
tan θr

)
(7.55)

The value of folding length L will be discussed later on.

In this deformation mode, the energy is supposed to dissipate plastically both by rotation

around 3 plastic hinges, located at levels 1, 2 and 3 (see Fig. 7.17) and by elongation of the

rings.
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In the following developments, the angle β and the vector s(β) = [r(β) cosβ; r(β) sinβ] define

the position of a point P belonging the leg cross-section, as shown in Fig. 7.18. The notation

s′(β) stands for ∂s(β)/∂β while ‖s′(β)‖ is the norm of the vector.

7.3.3.1 Rotation of plastic hinges

Let us first derive the rate of energy dissipated by the 3 plastic hinges which take place at levels

1, 2 and 3 over a circumferential distance limited by β ∈ [−π/2;π/2].

The contribution of plastic hinge 1 to deformation energy rate can be computed as:

ĖH,1 = 2m0

∫ π/2

0
α̇(β)Rdβ = 2m0

∫ π/2

0

∂α(β)

∂θr
Rdβθ̇r (7.56)

with

∂α(β)

∂θr
=

1√
1−

(
1− R cosβ

2L tan θr

)2

R cosβ

2L cos2 θr
(7.57)

As the plastic hinge 2 is concerned, the expression is similar, except that the integration

domain changes and the hinge rotation angle is twice as compared to hinge 1.

ĖH,2 = 4m0

∫ π/2

0
α̇(β)dsdβ = 4m0

∫ π/2

0

∂α(β)

∂θr
dsdβθ̇r (7.58)

with ds = ‖s′(β)‖.

One can write:

s (β) = [r (β) cosβ; r(β)sinβ] (7.59)

s′ (β) =

[
∂r(β)

∂β
cosβ − r (β) sinβ;

∂r (β)

∂β
sinβ + r (β) cosβ

]
(7.60)

Then, one has:

r (β) = R+ L sinα (7.61)

where α is a function of β. So,

∂r (β)

∂β
= L cosα

∂α

∂β

= L cosα
−1√

1−
(

1− R cosβ
2L tan θr

)2

R sinβ

2L
tan θr

(7.62)
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Eq. 7.60 can be rewritten as:

s′ (β) =

[
L cosα∂α∂β cosβ − (R+ L sinα) sinβ;

L cosα∂α∂β sinβ + (R+ L sinα) cosβ

]
(7.63)

After calculation we obtain:

ds =
∥∥s′(β)

∥∥ =

√(
L cosα

∂α

∂β

)2

+ (R+ L sinα)2 (7.64)

Finally, the contribution of the third plastic hinge is very similar to the one of hinge 1 and

writes:

ĖH,3 = 2m0

∫ π/2

0

(
α̇(β) + θ̇r(β)

)
Rdβ = 2m0

∫ π/2

0

(
∂α(β)

∂θr
+
∂θr(β)

∂θr

)
Rdβθ̇r (7.65)

where θr(β) = θr cosβ and ∂θr(β)/∂θr = cosβ.

It is worth noting that the whole rear leg bottom cross-sections rotates. The contribution

of this rotation for β ∈ [−π/2;π/2] is already taken into account in Eq. 7.65 but still has to be

evaluated for the remaining part of the section, i.e for β ∈ [π/2; 3π/2].

The plastic bending moment of the section can be computed as:

Mpl = 2

∫ π

0
dβ

∫ R2

R1

σ0r sinβrdr = 2σ0 (− cosβ)|π0
r3

3

∣∣∣∣R2

R1

= 4σ0
R3

2 −R3
1

3
(7.66)

where σ0 is the yielding stress of the material which constitutes the jacket and where R1 and

R2 are respectively the internal et external radii of the leg.

As we do consider only the remaining part of the section (β ∈ [π/2; 3π/2]), only half of the

contribution of the rotation of the whole cross-section is considered that is:

ĖH,4 =
1

2
Mplθ̇r (7.67)

7.3.3.2 Elongation of the rings

The energy dissipated by elongation of the rings located between plastic hinges 1 and 3 can be

written as:

Ėm = 4n0

∫ L

0

∫ π/2

0
ε̇dsdβdz (7.68)

Note that the coefficient 4 is due to the fact that the integrations are performed only on a

quarter section (β ∈ [0;π/2]) and on a segment of length L (z ∈ [0;L]).
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The strain rate of those rings ε̇ can be expressed as:

ε̇ =
Ṡ

S0
=
∂S

∂θr

θ̇r
S0

(7.69)

where S0 = π/2R and S are the initial and final lengths of this segment (see Fig. 7.18).

Similarly to Eqs. 7.59 and 7.60, one has:

s (β, z) = [r (β, z) cosβ; r(β, z) sinβ] (7.70)

s′ (β) =

[
∂r(β, z)

∂β
cosβ − r (β, z) sinβ;

∂r (β, z)

∂β
sinβ + r (β, z) cosβ

]
(7.71)

where the radius of the deformed ring r(β, z) is equal to R+ z sinα(β).

Performing the same developments as before, an expression similar to Eq. 7.64 is obtained

for ds:

ds =
∥∥s′(β, z)∥∥ =

√(
z cosα

∂α

∂β

)2

+ (R+ z sinα)2 (7.72)

By introducing Eqs. 7.69 and 7.72 into Eq. 7.68, the membrane deformation energy rate

becomes:

Ėm = 4n0
θ̇r
S0

∫ L

0

∫ π/2

0

∂S

∂θr
dsdβdz = 4n0

θ̇r
S0

∫ L

0

∂S

∂θr

∫ π/2

0
dsdβdz

= 4n0
θ̇r
πR

∂

∂θr

∫ L

0
Sβ (z) dz

(7.73)

In this last expression, Sβ (z) =
∫ π/2

0 dsdβ is the length the deformed portion (defined by

β ∈ [0;π/2]) of a ring located at position z.

7.3.3.3 Total deformation energy rate

The rate of total deformation energy dissipated in zone C is obtained by summing the energy

rates related to plastic hinges rotations and rings membrane deformation.

ĖC = ĖH,1 + ĖH,2 + ĖH,3 + ĖH,4 + Ėm (7.74)

Integrals in Eqs. 7.56, 7.58, 7.65 and 7.73 cannot be solved analytically and are therefore

solved numerically using a trapeze method.
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The value of the folding length L still has to be discussed. Some authors studied the problem

of axial crushing of cylindrical members, such as Singace et al. [5], Singace [4], Sugimoto and

Chen [6] and Alexander [2] amongst others. Alexander found out that, for tubular members

subjected to pure compression, the value of L was equal to
√
Dt where D is the diameter of the

tubular member and t its thickness.

However, in the case of a ship collision on a jacket, the loading is more complex that pure

compression. By post-processing FE simulations carried out for several ship-jacket collisions, it

appears that a value of L =
√
Dt/1.5 gives more accurate results for diameters and thicknesses

considered in offshore jacket design.

7.3.4 Zone D: impacted leg between foundation and horizontal brace level

The impacted leg deforms in zone D by rotating at foundation level and by extending. These

two deformation modes are studied independently in the next paragraphs.

7.3.4.1 Rotation of the impacted leg

The deformation of the impacted leg due to the rotation is depicted in Figs. 7.19 and 7.20,

where black dotted lines represent its initial position while continuous green lines represent the

deformed structure.

Figure 7.19: Deformation pattern of the
impacted leg

Figure 7.20: Dimensions of the deformed
impacted leg

The leg is considered as clamped at foundation level. As we consider an elastic – perfectly

plastic material law for the jacket, a plastic hinge appears at foundation level when the leg
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rotates and the corresponding deformation energy rate writes:

ĖD,1 = Mplθ̇i (7.75)

where Mpl is the plastic resistant moment of the leg tubular cross-section (see Eq. 7.66).

Finally, Eq. 7.10 allows to write the deformation energy rate as a function of the striking

ship velocity:

ĖD,1 = Mplθ̇i = Mpl
∂θi
∂δ?

∂δ?

∂δ
δ̇ (7.76)

As can be seen in Fig. 7.20, this rotation occurs with a change of length of the leg generators.

The elongation at the neutral axis is assumed to be equal to zero, as for pure flexural deformation,

and elsewhere extends from foundation level to the position of the vertical brace. The position

angle β is still depicted in Fig. 7.18.

From Figs. 7.19 and 7.20, one has:

α1 =
π

2
+ µ (7.77)

α2 =
π

2
− (µ+ θi) (7.78)

∆h =
R sin θi
cosµ

cosβ (7.79)

The tensile strain of a single generator can be written as:

ε =
∆h

h
=
R sin θi cosβ

h cosµ
(7.80)

and its derivative with respect to θi as:

∂ε

∂θi
=
R cos θi cosβ

h cosµ
(7.81)

Then, by integrating the dissipation of energy for all the generators, it comes:

ĖD,2 = n0

∫ 2π

0
ε̇Rdβ = n0

∫ 2π

0

∂ε

∂θi
Rdβθ̇i (7.82)
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Finally, from Eqs. 7.81 and 7.82, the energy rate related to generators elongation due to

rotation writes:

ĖD,2 = 4n0
R2 cos θi
h cosµ

θ̇i (7.83)

7.3.4.2 Elongation of the impacted leg

In addition to the elongation of the generators due to the rotation, an elongation of the impacted

leg occurs from a length h to a length h′i for all the generators (see Fig. 7.7).

The corresponding rate of energy is:

ĖD,3 = Npl
∂ (h′i − h)

∂δ?
∂δ?

∂δ
δ̇ (7.84)

where Npl = σ0π
(
R2

2 −R2
1

)
is the plastic resistance of the leg tubular cross-section, and where

the second term of right hand side can be calculated from Eq. 7.3:

∂ (h′i − h)

∂δ?
=
δ? + h sinµ

h′i
(7.85)

7.4 Numerical validation

In order to validate the analytical developments presented in the previous section, numerical

simulations have been carried out using the nonlinear FE solver LS-DYNA.

The internal forces distribution at the base of the jacket during the collision process is

very complex due to the high level of redundant constraints in the jacket, the non-symmetrical

loading and the material nonlinear behaviour. It is thus uneasy to limit the FE model to the

lower part of the jacket and to find a realistic loading. To overcome this difficulty, both the

full jacket and the colliding ship bow are modelled and the jacket mesh is divided into several

parts (represented by the different colours in Fig. 7.21), for which the internal energy can be

post-processed individually.

In order to validate the formulations developed in previous sections for zones A to D, the

ship is supposed to collide the jacket on a leg, following a trajectory parallel to one of its plane,

as can be seen in Fig. 7.22. Considering such scenario, most of the deformation at the base of

the jacket is expected to occur in the same direction than the ship trajectory.
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Figure 7.21: Definition of parts in the numerical simulations

Figure 7.22: Collision scenario considered to validate the analytical formulations for the base
of the OWT jacket

The ship moves forward at a constant velocity of 5 m/s and the simulation is stopped when

the bow displacement δ exceeds 7.5 m, which corresponds to a value of δ? = 0.5 m.

First, the hypothesis which states that the horizontal bottom brace length Lbrace, as rep-

resented in Fig. 7.21, remains constant during the crushing process is checked. As shown by

Fig. 7.23 which presents the brace length evolution, its axial deformation does not exceed 0.2%

and can therefore be neglected.

203



CHAPTER 7. DEFORMATION AT THE BASE OF THE JACKET

Figure 7.23: Evolution of the bottom brace length during the considered collision

Splitting the jacket base FE model into several part allows to post-process the internal energy

for each part, corresponding more or less to each zone. It is however worth noting that in our

analytical developments, the elongation of the impacted leg is modelled only for zone D while

corresponding elongation in the numerical model extends also to the part associated to zone B.

Therefore, the dissipation ĖD,3 is arbitrary divided into two parts and distributed into zones B

and D for 20% and 80% respectively. In Figs. 7.24 to 7.27, the evolution of internal energies

obtained analytically and numerically are compared.

Figure 7.24: Comparison between analytical and numerical approaches for the energy
dissipated in zone A

Table 7.1 below gives the values of dissipated energies computed with the analytical and

the numerical methods, as well as the discrepancy, considering the numerical solution as the

reference.
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Figure 7.25: Comparison between analytical and numerical approaches for the energy
dissipated in zone B

Figure 7.26: Comparison between analytical and numerical approaches for the energy
dissipated in zone C

Table 7.1: Energies computed by numerical and analytical methods and discrepancy for 0
degree collision

Zone Energy for δ? = 0.5 m Energy for δ? = 0.5 m Disc. [%]
(numerical) [MJ ] (analytical) [MJ ]

A 1.24 0.84 32
B 1.87 2.28 22
C 5.44 5.64 4
D 15.73 15.18 3

Total 24.28 23.94 2

205



CHAPTER 7. DEFORMATION AT THE BASE OF THE JACKET

Figure 7.27: Comparison between analytical and numerical approaches for the energy
dissipated in zone D

Except for zones A and B, which dissipated the less energy, the discrepancy is lower than

15%, which proves the accuracy of the model. The difference between numerical and analytical

results for zones A and B can be explained by the fact that the deformation of the leg is

influenced by the displacement of the inclined brace located above. The deformation patterns

of both punching and zone A overlap, as can be seen in Fig. 7.3. A part of energy dissipated in

zone A is actually due to punching, which is not taken into account in the model presented in

this Chapter. Nevertheless, it has to be mentioned that the part of energy dissipated in zone A

is small with regard to the total energy dissipated at the base of the jacket. As a consequence,

such discrepancy has low influence on the final overall result.

An additional simulation was performed with another collision angle α of 30 degrees (Fig. 3.14)

considering the same impact point with the same ship and jacket.

Considering this scenario, the deformation at the base of the jacket is much reduced with

regard to a collision angle of 0 degree because much more energy is dissipated through the global

motion of the whole structure. Therefore, the displacement δ? is equal to 0.06 m according to

axis X and the corresponding displacement with regard to axis Y is 0.035 m. For this scenario,

zones A and C are subjected only to the displacement according to axis X while the efforts

in zones B and D are the resultant of the resistance in both axes, the total resistance being

computed as Rtot =
√
R2
X +R2

Y .

The results in term of dissipated energy for this scenario are given in Table 7.2.

The discrepancy zone by zone is higher than for the 0 degree scenario, due to a complex overall

displacement of the jacket that is not included in the model. However, the discrepancy for the

total deformation mode is lower than 15%, which tends to validate the analytical formulations.
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Table 7.2: Energies computed by numerical and analytical methods and discrepancy for 30
degree collision

Zone Energy for δ? = 0.5 m Energy for δ? = 0.5 m Disc. [%]
(numerical) [MJ ] (analytical) [MJ ]

A 0.16 0.12 25
B 0.69 0.63 9
C 0.78 0.98 26
D 1.43 1.468 2

Total 3.06 3.19 4

Finally, the deformation at the base of the jacket represents a small part of energy dissipation

in the case of collisions with large collision angle.

The analytical formulations are also validated for other values of external diameter – thick-

ness ratios. Therefore, the structure, the striking ship as well as the impact point and ship

trajectory depicted in Fig. 7.22 are considered. All geometrical properties are identical except

the legs thickness that varies from 30 mm to 70 mm, corresponding to ratios De/t varying from

18.6 to 43.3. Those thicknesses range corresponds to actual industrial limits. The ship is given a

mass of 6, 000 tons (added mass included) and an initial kinetic energy of 5 m/s, corresponding

to an initial kinetic energy of 75 MJ . It appears that the deformation pattern described in this

paper appears for all the thicknesses investigated.

For each ratio considered, the main results are given in Table 7.3. The maximum displace-

ment δ? for the 75 MJ impact is computed numerically. For this displacement, the dissipated

energy is computed with both analytical and numerical models and the resulting discrepancy is

given.

Table 7.3: Energies computed by numerical and analytical methods and discrepancy for several
leg thicknesses

Thickness De/t δ?max Energy (num.) Energy (anal.) Disc.
[mm] [−] [m] [MJ ] [MJ ] [%]

30 43.3 0.09 3.08 3.01 3
40 32.5 0.06 2.69 2.71 1
60 21.7 0.03 2.03 1.97 3
70 18.6 0.02 1.21 1.24 3

As can be seen and similarly to the previous investigated collision scenarios, the discrepancy

between analytical and the numerical results remains very low, showing the accuracy of the

method for external diameter – thickness ratio varying from 18.6 to 43.3.
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7.5 Conclusion

In this Chapter, analytical formulations are developed to compute the resistance and the dissi-

pated energy at the base of any OWT jacket, with the structural arrangement described in the

present work and the assumption of braces stronger than joints, when it is impacted by a ship

on one of its legs. The analytical developments are performed for a displacement in one plane

of the jacket, but can be extended to an oblique ship-jacket collision leading to displacements

in two main planes.

First, numerical simulations are performed in order to understand the deformation process

at the base of the jacket and to choose realistic deformation patterns for the analytical devel-

opments. It appears that, for the jacket considered in this study, a collision energy of about

27 MJ is required to initiate the deformation at the foundation level. This first step consists

in splitting the base of the jacket into 4 zones for which the dissipated energies are computed

individually.

On both impacted and rear legs, a plastic deformation occurs at the connection with the

bottom brace, due to the fact that the brace is assumed to remain constantly horizontal while

the legs are rotating around the clamping at the foundation level. Once realistic displacement

fields have been chosen, applying the upper-bound theorem allows to derive analytically the

corresponding dissipated energy.

For the impacted leg, a plastic hinge appears at foundation level. As the rear leg is concerned,

a partial local buckling of the section as well as a rotation at the base occur. The plastic

elongation of the impacted leg is also taken into account.

Validation of the analytical developments is achieved by performing FE simulations. Two

collision scenarios are investigated and various external diameter – thickness ratio varying from

18.6 to 43.3 are studied. For all of them, comparison of both analytical and numerical dissipated

energies show that the analytical model is in good accordance with the numerical one.
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Chapter 8

General algorithm to assess the

crashworthiness of an offshore wind

turbine jacket

Abstract:

In the previous Chapters, the semi-analytical formulations derived to
compute the resistant force corresponding to the four deformation modes
are presented. The general algorithm developed to combine each of them
and compute the total resistance of an OWT jacket impacted by a ship
is presented in this Chapter.

As a user, the data required to describe the striking ship, the collided
jacket and the collision scenario have to be provided.

During a collision, several contact points between the ship and the jacket
may appear. Therefore, a methodology is established to identify all
the potential impacted tubular members and connections and also their
distances with regard to the striking ship.

Then, the general algorithm is described, as well as the interactions
between all four deformation modes.

Finally, the semi-analytical model is validated by comparing the results
with FE simulations. The developed method is shown to be in good
accordance with FE for most cases, and further researches are suggested
to improve the model for some specific collision scenarios.
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8.1 Introduction

In Chapter 3, the main parameters governing the OWT jacket behaviour when collided by a ship

are discussed. Based on numerical simulations, four deformation modes were identified, namely:

• local crushing of impacted tubular members (Chapter 4);

• global deformation of the whole jacket (Chapter 5);

• punching of legs by compressed braces (Chapter 6);

• deformation at the base of the jacket (Chapter 7).

For each of them, simplified formulations, either analytical or semi-analytical, were devel-

oped and are fully described in the previous Chapters 4 to 7. From those developments, the

evolution of the resistance with regard to the ship penetration may be computed for each mode

independently.

During a ship - jacket collision, all four deformation modes may occur simultaneously. An

algorithm is therefore developed to take into account all of them and to compute the total energy

dissipated by local crushing, global deformation, punching and deformation near the foundation

level. The deformation in one mode may also have an influence on the other ones. As the

deformation modes interact and are not independent, the developed method is denoted as a

so-called “continuous element method”.

Some authors described methods to take into account several deformation modes in the

framework of ship collisions. Based on analytical formulations that describe the deformation of

plates transversally loaded (Yu [11], Zhang [12] or Jones [5] amongst others), girders (Zhang [12],

Wierzbicki et al. [9] or Hong et al. [4]), T or X sections (Amdahl [1], Wierzbicki et al. [9] or

Yang et al. [10]), the resistant force in a collision event was investigated by Liu [7], Lützen [8],

Le Sourne et al. [6] or Haris and Amdahl [3] for ship-ship collisions or by Buldgen [2] for ship -

lock gate collision.

In the present Chapter, the implementation of the simplified method to assess the crash-

worthiness of an OWT jacket in Matlab is described. First, the methodology used to built the

models of both the striking ship and the collided OWT jacket is introduced. For such collisions,

the resistant force between the ship and the jacket may be transmitted through several contact

points that have to be identified. Then, an algorithm is developed to consider the four defor-

mation modes and assess the total resistant force. The interactions between the deformation

modes is also discussed.

The validation of the algorithm presented in this Chapter will be the aim of Section 8.5.
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8.2 Ship - jacket collision models

In order to fully define a ship collision on an OWT jacket, several data are required, namely:

• The striking ship geometry, as detailed in Section 3.2.1;

• The OWT jacket geometrical and mechanical properties, as detailed in Section 3.2.2;

• The collision scenario, as detailed in Section 3.2.3.

8.3 Collision points

During a ship collision event, several tubular members of the jacket may be impacted either

by the stem or by the bulb. All the potential impacted tubular members have therefore to be

identified and their initial distances with regard to the striking ship has also to be computed.

8.3.1 Detection of potential impacted tubular members

First, all the tubular members that could be directly impacted by the ship have to be identified.

As described in Section 3.2.1, the geometrical descriptions of the stem and the bulb are differ-

ent (Figs. 3.2 and 3.3), which has also an influence on the computation of the local crushing

(investigated in Chapter 4). Therefore, the search for potential impacted elements should be

performed for the stem and the bulb separately.

A bulbous bow ship cross-section is presented in Fig. 8.1. The stem is boxed with a green

rectangle. Its height is equal to hb (Fig. 3.4) and its width corresponds to the width of the ship

upper deck. Similar box is drawn for the bulb, as represented with the blue rectangle.

Those boxes are then extended along the ship trajectory, which is defined in Fig. 3.14, as

represented in Figs. 8.2 and 8.3 for side and top views respectively.

Using the coordinates of each connections and the extremities of each tubular member that

are known from the jacket data, the connections and tubular members that are totally or partially

located inside the boxes can be listed, creating four lists:

• Tubular members inside the stem box;

• Tubular members inside the bulb box;

• Connections inside the stem box;

• Connections inside the bulb box;
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Figure 8.1: Front view of the volume
of potential contacts (bow only) Figure 8.2: Side view of the volume of potential

contacts

Figure 8.3: Top view of the volume of potential contacts
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8.3.2 Distance from the striking ship to the jacket members

The initial distance between all the potential impacted connections or tubular members with

regard to the striking ship has to be computed. This will allow us to further identify the tubular

members impacted during the collision scenario investigated.

8.3.2.1 Check of contact of the striking ship on one tubular member

For potential contact on a cylindrical member, the check is performed for several elevations,

while it is performed at the elevation of the node for a connection impact.

Both the stem and the bulb are divided by several horizontal planes, as represented in

Fig. 8.4. The mathematical expressions that define the geometry of the striking ship are detailed

in Section 3.2.1 in Eqs. 3.1 and 3.2 for the stem and the bulb respectively.

The 2D expression of the intersection between the stem or the bulb and a horizontal plane,

highlighted with the red curves in Fig. 8.4, is obtained by setting the vertical variable z to the

elevation of the given plane in Eqs. 3.1 or 3.2. It has to be mentioned that this intersection is

an ellipse, that is further denoted S.

Figure 8.4: Stem and bulb divided by horizontal planes

The mathematical expression of a cylinder in a global frame was also described in Chapter 4

in Eq. 4.44. The 2D expression in the horizontal plane is similarly computed and also corresponds

to an ellipse denoted C.

Let us consider α1 the angle between the axis X and the projection of the impacted tubular

member on a horizontal plane, α2 the ship trajectory (Fig. 3.14), (a1, b1) and (a2, b2) the long

and short radii of C and S respectively.
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Figure 8.5: Angles and position of both ellipses with regard to the global frame

Then, the expressions of C and S are given in Eqs. 8.1 and 8.2 respectively.

C ≡
(

(X −∆X1) cosα1 + (Y −∆Y1) sinα1

a1

)2

+

(
− (X −∆X1) sinα1 + (Y −∆Y1) cosα1

b1

)2

− 1 = 0

(8.1)

S ≡
(

(X −∆X2) cosα2 + (Y −∆Y2) sinα2

a2

)2

+

(
− (X −∆X2) sinα2 + (Y −∆Y2) cosα2

b2

)2

− 1 = 0

(8.2)

Contact occurs between the ship and the tubular member at the investigated elevation if

both expressions in Eqs. 8.1 and 8.2 are fulfilled for at least one point, denoted A in Fig. 8.6.

This is achieved using a Newton-Raphson method, given in Eq. 8.3.

{
Xi+1

Yi+1

}
=

{
Xi

Yi

}
−

[
∂C
∂X

∂C
∂Y

∂S
∂X

∂S
∂Y

]−1{
C
S

}
(8.3)
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Figure 8.6: Contact point between ellipses C and S

with

∂C
∂X

= 2
(X −∆X1) cosα1 + (Y −∆Y1) sinα1

a1

cosα1

a1

− 2
− (X −∆X1) sinα1 + (Y −∆Y1) cosα1

b1

sinα1

b1

(8.4)

∂S
∂X

= 2
(X −∆X2) cosα2 + (Y −∆Y2) sinα2

a2

cosα2

a2

− 2
− (X −∆X2) sinα2 + (Y −∆Y2) cosα2

b2

sinα2

b2

(8.5)

∂C
∂Y

= 2
(X −∆X1) cosα1 + (Y −∆Y1) sinα1

a1

sinα1

a1

+ 2
− (X −∆X1) sinα1 + (Y −∆Y1) cosα1

b1

cosα1

b1

(8.6)

∂S
∂Y

= 2
(X −∆X2) cosα2 + (Y −∆Y2) sinα2

a2

sinα2

a2

+ 2
− (X −∆X2) sinα2 + (Y −∆Y2) cosα2

b2

cosα2

b2

(8.7)
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8.3.2.2 Methodology to compute the distance between the striking ship and all

potential impacted tubular members

Let us consider the collision scenario depicted in Figs. 8.2 and 8.3. All the potential impacted

tubular members and connections are fully located in the red box represented in Fig. 8.7.

Figure 8.7: Box containing all the potential impacted tubular members and connections

Initially, the striking ship is located on its trajectory line, such as it is fully out of the red

box. Then, the ship is moved along its trajectory to detect impacts on each of the potential

impacted tubular members using the following methodology:

• For each potential impacted tubular member

– For each horizontal plane

∗ The ship moves forwards with space steps equal to the potential impacted tubular

member radius until contact occurs.

∗ The ship moves backwards with space steps equal to 0.1 m until contact disap-

pears.

∗ The ship moves forwards with space steps equal to 0.01 m until contact occurs.

– The displacement of the ship and the coordinates (X,Y, Z) of the first contact point

are saved.

• For each potential connection

– The elevation of the connection is known

∗ The ship moves forwards with space steps equal to the potential impacted tubular

member radius until contact occurs.
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∗ The ship moves backwards with space steps equal to 0.1 m until contact disap-

pears.

∗ The ship moves forwards with space steps equal to 0.01 m until contact occurs.

– The displacement of the ship and the coordinates (X,Y, Z) of the first contact point

are saved.

The methodology developed to move the striking ship until contact occurs with the collided

jacket tubular members or connections is represented in Fig. 8.8, where the evolution of the

striking ship position is plotted with blue points and the red line corresponds to the real initial

distance.

Figure 8.8: Graphical representation of the striking ship displacement to detect contacts

8.4 Computation of the total resistant force

In Chapters 4 to 7, formulations describing the resistant force with regard to the ship penetration

were described for the four deformation modes independently.

During a collision, all four modes may occur simultaneously, and an algorithm has to be

implemented to take all of them into account and compute the total resistant force of the

collided jacket. It is described in Section 8.4.1. Some details of implementation as well as the

influences of one deformation mode over another ones are detailed in Section 8.4.2.

8.4.1 Deformation mode involved for each time step

The methodology used to compute the total resistant force of an OWT collided by a ship is

described below.

1. Include the collision scenario data:

The data required to describe the striking ship, the collided jacket and the collision scenario

models are fully described in Section 8.2.
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2. Choose the resolution time step interval ∆t:

The total resistant force of the collided jacket is computed at several times during the

collision. A time step interval has then to be defined by the user. A short time step

interval will provide a more accurate result and smoother force-penetration curve, but will

also require a larger computation time.

Several time step intervals ∆t were investigated to determine the optimal value. The

resistant force for the collision scenario depicted in Fig. 8.13 was computed for ∆t equal

to 0.001 s, 0.002 s, 0.005 s and 0.01 s and the results at the beginning of the collision

is depicted in Fig. 8.9. It appears from the results that no significant variation between

0.001 s and 0.002 s time step interval can be observed. Therefore, a time step interval of

0.002 s is considered in the framework of this PhD thesis.

Figure 8.9: Resistant force computed with several time step intervals

Usually, the total collision time for a 75 MJ energy collision event is between 0.8 and

1.2 s, corresponding to 400 to 600 time steps.

3. Initialisation of variables:

Some variables are initialised to a zero value before starting the computation.

• The displacement (u?i ; i = 1, 4) for each deformation mode i. Note that for the local

crushing deformation mode, the displacement has to be initialised for each potential

impacted tubular member or connection. For the punching mode, initial value has to

be given to each connection. Finally, the initial position of each connection has to be

known in the overall motion deformation mode.

• The total force and dissipated energy.

• The internal forces in each tubular members, which are used for the overall motion

deformation mode.
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4. Computation:

The next points detailed in this item are performed at each time step and allow to compute

the total resistance of the collided jacket. We denote by ∆x the variation of the variable

x during one time step.

(a) The ship penetration increment ∆δ during the current time step is equal to ∆δ =

vship ·∆t, where vship is the ship velocity at the current time step. Computing this

increment allows also to compute the total ship penetration δ since the first contact

with the jacket.

(b) Following the methodology described in Section 8.3, the initial distance between the

ship the potential impacted tubular members is computed. At each time step, the

detection of impacted elements is achieved using those results as well as the total

ship penetration δ and the jacket displacements (computed with the global motion

deformation mode algorithm). The cases of contact on a connection or on a tubular

member are considered:

• Impact on a connection:

Let us consider the connection k. The initial distance from the striking ship is

denoted as dk and its displacement in the ship trajectory direction computed

with the global motion deformation mode algorithm is uk. Contact occurs if

δ ≥ dk + uk.

• Impact on a tubular member:

We consider the tubular member l whose extremities are the connections m and

n. The initial distance between the first contact point and the ship is dl and

the displacements of connections m and n along the ship trajectory direction are

um and un respectively. Using the nodal displacements and the interpolation

functions (described in Chapter 5), the displacement of the first contact point of

element l ul can be computed with the nodal displacements of nodes m and n.

Then, contact occurs if δ ≥ dl + ul

The detection of impacted connections or tubular members is represented in Fig. 8.10

for a small part of the collided jacket, with the undeformed jacket in solid line and

the deformed one in dotted line.

(c) The resistant force Fi is computed for each deformation mode i, using the formulation

described in Chapters 4 to 7, and taking into account the effect of one deformation

mode on the others (this will be investigated in Section 8.4.2).

If we consider the time t, the displacement at that particular time for the deformation

mode i is equal to uti = u?,t−1
i + ∆δ.

(d) For the current time step, the total jacket resistant force Ftot is assumed to be equal

to the minimum of the four forces Fi computed.

The total energy dissipated is equal to Et = Et−1 + (F ttot + F t−1
tot )/2 ·∆δ.
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Figure 8.10: Detection of contacts between the striking ship and jacket connections or tubular
members

The properties are updated only for that mode. For example, the updated deforma-

tion at time t for mode i is equal to u?,ti = u?,t−1
i + ∆δ for the activated deformation

mode and u?,tj = u?,t−1
j for the others.

(e) The acceleration of the striking ship is computed as a = Ftot/mship where mship is

the mass of the striking ship.

(f) The velocity of the ship is updated as vtship = vt−1
ship − a ·∆t.

(g) A loop following the process starting at stage (a) is performed until the velocity of

the striking ship reaches 0.

5. Results:

The most interesting results from the simulation are the evolutions of both the dissipated

energy E and the resistant force Ftot with the total ship penetration.

All the steps described here above are graphically represented in the algorithm presented in

Fig. 8.11.
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Data (speed,position, jacket, ∆t, . . . )

∆δ = vship.∆t

Detection of impacted elements

Computation of Fi in
each deformation modes,

taking into account the effect of
deformations in the other ones

Ftot = min(Fi)

Update properties of the
active deformation mode

Ship accelaration : a =
Ftot
mship

vship
?
= 0

Stop
Yes

No

Figure 8.11: General algorithm including all deformation modes
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8.4.2 Implementation and interactions of the four deformation modes

In the so-called “continuous element method”, interactions between the deformation modes exist.

Those interactions implemented in the algorithm are detailed here after. Some particular cases

are also investigated in the next Sections.

8.4.2.1 Additional comments on the local crushing deformation mode

Impact on a tubular member or a connection

Chapter 4 is dedicated to the local crushing of impacted tubular members. As described, the

tubular member is first locally dented and becomes then a three-hinge mechanism. However,

this three-hinge mechanism cannot be activated for an impact on a connection, as the connected

braces prevent any displacement due to this mechanism.

Several contact points

If contact occurs at more than one point, the resistant force for the local crushing mode

consists in the sum of the resistant force at all the contact points.

8.4.2.2 Additional comments on the global motion deformation mode

Implementation for the impacted tubular members

The structural behaviour of a tubular member impacted by an indenter is investigated in

Chapter 4. At first, the tubular member is locally dented, and then a three-hinges mechanism

is activated.

If the local denting is included only in the local crushing deformation mode, the plastic

mechanism can be captured by both the local crushing mode (Fig. 4.10) and the global motion

deformation mode (Fig. 5.11). In the complete algorithm, the mechanism should not be taken

into account twice and it should be therefore prevented to occur in one of the two deformation

modes.

In the local crushing deformation mode, the three-hinges mechanism computation takes into

account the reduction of the resistant plastic bending moment at the impact point, while this

reduction is not included in the global motion deformation mode. Therefore, the mechanism

is implemented in the local crushing deformation mode and is prevented to occur in the global

motion mode.

Therefore, the flow stress σ0 of the impacted tubular member is artificially increased by a

factor 1, 000 in the global motion deformation mode. Plastic hinges cannot thus develop, but

the elastic deformation of the cylindrical member is still taken into account.
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The number of impacted cylindrical members during the collision event is unknown before

running the simulation. For members impacted after the first contact with the jacket, the

mechanical properties of the tubular members before they are impacted are equal to the regular

values and are increased by the factor 1, 000, as described above, after they are hit to prevent

computing the three-hinges mechanism twice.

Implementation for the jacket base

As for the deformation of impacted tubular members, the deformation at the base of the

jacket in taken into account in both base jacket and global motion deformation modes.

It is similarly assumed that plastic hinges may not occur at the jacket base in the global mo-

tion deformation mode, and the flow stress σ0 is increased by a factor 1, 000 for the corresponding

elements.

Contact points

As detailed in Chapter 5, the displacement control is applied on a node. In the initial jacket

model, the nodes correspond to the intersection of tubular elements, as each tubular member is

modelled as one single 3D beam element. If the contact occurs on a connection, the displacement

control is applied directly to the node corresponding to that connection. In case of an impact

on a tubular member, a node has to be created at the impact point, on which the displacement

control is applied. Therefore, the impacted tubular member is divided into two tubular members

with a node between them.

During the simulation, contacts may occur on a tubular member after the first impact. The

impacted tubular member is similarly divided into two elements during the simulation itself.

The displacements and internal forces at the new node are computed using the interpolation

functions, as described in Section 5.2.2.2.

8.4.2.3 Additional comments on the punching deformation mode

Effect of overall motion on punching

As described in Chapter 6 dedicated to punching, the force - penetration curve starts from

an initial non-zero value (Fig. 6.24) due to the material behaviour used in the model (rigid -

perfectly plastic) and to the intersection surface between the compressed brace and the punched

leg. Punching is therefore activated once a given compression force is reached in the brace.

The global motion deformation mode is able to capture the internal forces in all the jacket

tubular members. Punching in a connection is therefore activated if the compressive force,

computed with the global motion algorithm detailed in Section 5.3, reaches the values required

to initiate the deformation.

225



CHAPTER 8. GENERAL ALGORITHM TO ASSESS THE CRASHWORTHINESS OF AN
OFFSHORE WIND TURBINE JACKET

Contact points

As described in Section 6.4, the punching force is computed at each punched connection.

The corresponding resistant force due to punching acting on the striking ship is computed

considering the elevations of both the considered punched level N , as defined in Fig. 6.48, and

the ship impact point (Fig. 6.52 and Eq. 6.60).

In case of several impact points (Fig. 8.12), the punching force at each connection is trans-

mitted to the striking ship through all the contact points. It is however assumed that this

punching force at the considered elevation of level N is transmitted to the ship through the

impact point with the closest elevation.

Figure 8.12: Collision scenario with several contact points

8.4.2.4 Crushing and punching of a connection

An impacted leg connection could be crushed from one side and punched from the other side. If

we denote δcruch and δpunch the cross-section denting due to crushing and punching respectively,

the sum of both of them should not exceed the leg diameter. In order to take into account the

thickness, the deformation is limited to δcruch + δpunch ≤ 0.9De.

If the limit of deformation is reached, it is assumed that no deformation could occur in the

local crushing deformation mode. For punching, the value of the resistant force at the considered

connection is artificially increased, such as the punching deformation takes place on the rear leg

instead of the impacted leg.
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8.5 Numerical validation for ship-jacket collisions

This algorithm has to be validated. Therefore, the results provided by the developed code (semi-

analytical) are compared with FE simulation (numerical) results for several collision scenarios.

All the data required for the analytical model are listed in Section 8.2 are are given a value

here.

The non-bulbous and bulbous striking ship bows, both considered as rigid, and the impacted

OWT jacket are described in Section 3.2.

8.5.1 Comparison of numerical and semi-analytical results

Several collision scenarios are investigated, considering both non-bulbous and bulbous striking

ships. For each of them, a side view and a top view of the collision is presented. Then, the

results consist in:

• The evolutions of resistant force and dissipated energy with regard to the striking ship

penetration;

• The penetration computed with both numerical and developed semi-analytical methods

for dissipated energies equal to 27, 48 and 75 MJ (corresponding to ship mass of 6, 000

tons and initial velocity of 3, 4 and 5 m/s respectively), and the discrepancy between those

two values considering the numerical model as the reference;

• The maximum and mean discrepancies on the ship penetration with regard to the dissi-

pated energy;

• The distribution of dissipated energy between the four deformation modes, computed with

the semi-analytical model.
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8.5.1.1 Non-bulbous striking ship collisions

A0: Collision on a leg between two connections and α = 0◦:

Figure 8.13: Collision scenario on a leg between two connections and α = 0◦

Figure 8.14: Resistant force for a collision on a leg between two connections and α = 0◦
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Figure 8.15: Dissipated energy for a collision on a leg between two connections and α = 0◦

Table 8.1: Discrepancy on the ship penetration for a collision on a leg between two connections
and α = 0◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.81 1.76 3
48 2.51 2.53 1
75 3.16 3.28 4

On the whole energy-penetration curves (Fig. 8.15):

• Maximum discrepancy: 6%

• Mean discrepancy: 2%

Table 8.2: Distribution of energy dissipation into the four deformation modes for a collision on
a leg between two connections and α = 0◦

Local crushing Overall motion Punching Base

Energy [MJ ] 39.66 2.21 22.39 10.74
Distribution [%] 53 3 30 14
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A30: Collision on a leg between two connections and α = 30◦:

Figure 8.16: Collision scenario on a leg between two connections and α = 30◦

Figure 8.17: Resistant force for a collision on a leg between two connections and α = 30◦
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Figure 8.18: Dissipated energy for a collision on a leg between two connections and α = 30◦

Table 8.3: Discrepancy on the ship penetration for a collision on a leg between two connections
and α = 30◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.73 1.69 2
48 2.39 2.43 2
75 3.03 3.15 4

On the whole energy-penetration curves (Fig. 8.18):

• Maximum discrepancy: 10%

• Mean discrepancy: 4%

Table 8.4: Distribution of energy dissipation into the four deformation modes for a collision on
a leg between two connections and α = 30◦

Local crushing Overall motion Punching Base

Energy [MJ ] 43.49 3.05 28.46 0
Distribution [%] 58 4 38 0
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A45: Collision on a leg between two connections and α = 45◦:

Figure 8.19: Collision scenario on a leg between two connections and α = 45◦

Figure 8.20: Resistant force for a collision on a leg between two connections and α = 45◦
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Figure 8.21: Dissipated energy for a collision on a leg between two connections and α = 45◦

Table 8.5: Discrepancy on the ship penetration for a collision on a leg between two connections
and α = 45◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.70 1.74 2
48 2.35 2.50 6
75 2.98 3.16 6

On the whole energy-penetration curves (Fig. 8.21):

• Maximum discrepancy: 10%

• Mean discrepancy: 4%

Table 8.6: Distribution of energy dissipation into the four deformation modes for a collision on
a leg between two connections and α = 45◦

Local crushing Overall motion Punching Base

Energy [MJ ] 48.93 4.00 19.73 2.34
Distribution [%] 65 5 26 4
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B0: Collision on a leg on a connection and α = 0◦:

Figure 8.22: Collision scenario on a leg on a connection and α = 0◦

Figure 8.23: Resistant force for a collision on a leg on a connection and α = 0◦

234



CHAPTER 8. GENERAL ALGORITHM TO ASSESS THE CRASHWORTHINESS OF AN
OFFSHORE WIND TURBINE JACKET

Figure 8.24: Dissipated energy for a collision on a leg on a connection and α = 0◦

Table 8.7: Discrepancy on the ship penetration for a collision on a leg on a connection and
α = 0◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.53 1.65 8
48 2.14 2.18 2
75 2.74 2.77 1

On the whole energy-penetration curves (Fig. 8.24):

• Maximum discrepancy: 8%

• Mean discrepancy: 3%

Table 8.8: Distribution of energy dissipation into the four deformation modes for a collision on
a leg on a connection and α = 0◦

Local crushing Overall motion Punching Base

Energy [MJ ] 20.58 10.18 12.52 31.72
Distribution [%] 27 14 17 42
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B30: Collision on a leg on a connection and α = 30◦:

Figure 8.25: Collision scenario on a leg on a connection and α = 30◦

Figure 8.26: Resistant force for a collision on a leg on a connection and α = 30◦
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Figure 8.27: Dissipated energy for a collision on a leg on a connection and α = 30◦

Table 8.9: Discrepancy on the ship penetration for a collision on a leg on a connection and
α = 30◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.37 1.63 19
48 1.92 2.15 12
75 2.53 2.76 9

On the whole energy-penetration curves (Fig. 8.27):

• Maximum discrepancy: 25%

• Mean discrepancy: 15%

Table 8.10: Distribution of energy dissipation into the four deformation modes for a collision
on a leg on a connection and α = 30◦

Local crushing Overall motion Punching Base

Energy [MJ ] 11.23 46.76 17.01 0
Distribution [%] 15 62 23 0
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B45: Collision on a leg on a connection and α = 45◦:

Figure 8.28: Collision scenario on a leg on a connection and α = 45◦

Figure 8.29: Resistant force for a collision on a leg on a connection and α = 45◦
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Figure 8.30: Dissipated energy for a collision on a leg on a connection and α = 45◦

Table 8.11: Discrepancy on the ship penetration for a collision on a leg on a connection and
α = 45◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.32 1.57 19
48 1.84 2.03 10
75 2.48 2.57 4

On the whole energy-penetration curves (Fig. 8.30):

• Maximum discrepancy: 21%

• Mean discrepancy: 13%

Table 8.12: Distribution of energy dissipation into the four deformation modes for a collision
on a leg on a connection and α = 45◦

Local crushing Overall motion Punching Base

Energy [MJ ] 8.39 52.41 14.26 0
Distribution [%] 11 70 19 0
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C0: Collision on a brace and α = 0◦:

Figure 8.31: Collision scenario on a brace and α = 0◦

Figure 8.32: Resistant force for a collision on a brace and α = 0◦
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Figure 8.33: Dissipated energy for a collision on a brace and α = 0◦

Table 8.13: Discrepancy on the ship penetration for a collision on a brace and α = 0◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.56 1.44 8
48 2.15 2.07 4
75 2.72 2.74 1

On the whole energy-penetration curves (Fig. 8.33):

• Maximum discrepancy: 10%

• Mean discrepancy: 6%

Table 8.14: Distribution of energy dissipation into the four deformation modes for a collision
on a brace and α = 0◦

Local crushing Overall motion Punching Base

Energy [MJ ] 33.26 3.01 25.58 13.15
Distribution [%] 44 4 34 18
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8.5.1.2 Bulbous striking ship collisions

D0: Bulbous ship collision on a leg and α = 0◦

Figure 8.34: Bulbous ship collision scenario on a leg and α = 0◦

Figure 8.35: Resistant force for a bulbous ship collision on a leg and α = 0◦
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Figure 8.36: Dissipated energy for a bulbous ship collision on a leg and α = 0◦

Table 8.15: Discrepancy on the ship penetration for a bulbous ship collision on a leg and α = 0◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.18 1.26 7
48 1.72 1.84 7
75 2.28 2.46 8

On the whole energy-penetration curves (Fig. 8.36):

• Maximum discrepancy: 10%

• Mean discrepancy: 7%

Table 8.16: Distribution of energy dissipation into the four deformation modes for a collision
on a leg between two connections and α = 0◦

Local crushing Overall motion Punching Base

Energy [MJ ] 19.33 3.11 20.35 32.21
Distribution [%] 26 4 27 43
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D30: Bulbous ship collision on a leg and α = 30◦

Figure 8.37: Bulbous ship collision scenario on a leg and α = 30◦

Figure 8.38: Resistant force for a bulbous ship collision on a leg and α = 30◦
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Figure 8.39: Dissipated energy for a bulbous ship collision on a leg and α = 30◦

Table 8.17: Discrepancy on the ship penetration for a bulbous ship collision on a leg and
α = 30◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.34 1.28 4
48 1.84 1.80 2
75 2.39 2.31 3

On the whole energy-penetration curves (Fig. 8.39):

• Maximum discrepancy: 10%

• Mean discrepancy: 4%

Table 8.18: Distribution of energy dissipation into the four deformation modes for a collision
on a leg between two connections and α = 30◦

Local crushing Overall motion Punching Base

Energy [MJ ] 44.13 4.16 25.78 0.93
Distribution [%] 59 6 34 1
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D45: Bulbous ship collision on a leg and α = 45◦

Figure 8.40: Bulbous ship collision scenario on a leg and α = 45◦

Figure 8.41: Resistant force for a bulbous ship collision on a leg and α = 45◦
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Figure 8.42: Dissipated energy for a bulbous ship collision on a leg and α = 45◦

Table 8.19: Discrepancy on the ship penetration for a bulbous ship collision on a leg and
α = 45◦

E [MJ ] Pen. num. [m] Pen. semi-anal. [m] Discrepancy [%]

27 1.44 1.33 8
48 1.89 1.85 2
75 2.37 2.40 1

On the whole energy-penetration curves (Fig. 8.36):

• Maximum discrepancy: 20%

• Mean discrepancy: 6%

Table 8.20: Distribution of energy dissipation into the four deformation modes for a collision
on a leg between two connections and α = 45◦

Local crushing Overall motion Punching Base

Energy [MJ ] 54.85 3.86 16.29 0
Distribution [%] 73 5 22 0
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8.5.2 Discussion of the results

The ship penetration computed with the FE and the semi-analytical models are denoted δFE

and δSA respectively.

The discrepancies are computed for all investigated collision scenarios and for various energy

levels of 1, 2, 3, . . . , 75 MJ . The results for energies of 27, 48 and 75 MJ are summarised in

Table 8.21, as well as the maximum and mean discrepancies and the coefficient of variation

(CoV ) associated to the non-dimensional ship penetration δnd (Eq. 8.8).

δnd =
δSA
δFE

(8.8)

The CoV is defined as the ration between the standard deviation σ of a variable x and the

mean value µ, as given in Eq. 8.9. In this case, the ship penetration is made non-dimensional

for each level of energy and the expression of the CoV becomes Eq. 8.10.

CoV =
σ

µ
=

√
1
n

n∑
1

(x− µ)2

µ
(8.9)

CoV =

√
1
75

75∑
i=1

(
δSA
δFE
− δFE

δFE

)2

δFE
δFE

=

√√√√ 1

75

75∑
i=1

(δnd − 1)
2

(8.10)

Table 8.21: Discrepancies [%] between numerical and semi-analytical models for all
investigated collision scenarios

Scenario Fig. 27 MJ 48 MJ 75 MJ Max Mean CoV

[%] [%] [%] [%] [%] [%]

N
on

-b
u

lb
ou

s

A0: Leg span, α = 0◦ 8.15 3 1 4 6 2 3
A30: Leg span, α = 30◦ 8.18 0 2 4 10 4 4
A45: Leg span, α = 45◦ 8.21 2 6 6 10 4 5
B0: Leg connection, α = 0◦ 8.24 8 2 1 8 3 4
B30: Leg connection, α = 30◦ 8.27 19 12 9 25 15 16
B45: Leg connection, α = 45◦ 8.30 19 10 4 21 13 14
C0: Brace span, α = 0◦ 8.33 8 4 1 10 6 6

B
u

lb
ou

s D0: Leg, α = 0◦ 8.36 7 7 8 10 7 7
D30: Leg, α = 30◦ 8.39 4 2 3 10 4 6
D45: Leg, α = 45◦ 8.42 8 2 1 20 6 9

6 8
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First, it has to be reminded that the results are obtained by assuming that the striking ship

is rigid and that rupture of elements is not included in the material law.

From the comparison performed in the previous Section 8.5.1 and summarised in Table 8.21,

it appears that the developed semi-analytical model provides results in good accordance with

FE simulations for most collision scenarios.

Based on those investigated scenarios, the mean discrepancy of the model on the ship pen-

etration is equal to 6% with a CoV of 8%. For low collision angles α, the discrepancy on

dissipated energy between both models is even lower than 10% during the whole collision, with

an mean discrepancy of 5% and a CoV of 6%.

However, some improvements in the semi-analytical model have to be performed for scenarios

with large collision angles α, and especially when the initial contact corresponds to a connection

(for example collision scenarios B30 Fig. 8.26 and B45 Fig. 8.29). For those scenarios, it appears

that the force computed with the semi-analytical model is much lower than the numerical one

for ship penetration until about 1.5 m, which means that the model is too soft. Similar trends

are observed for scenarios D30 (Fig. 8.38) and D45 (Fig. 8.41) for bulbous bow striking ship.

To solve this issue, the deformation of the connections submitted to punching in two per-

pendicular directions and to local crushing, as represented in Fig. 8.43, should be investigated

and analytical formulations able to take into account simultaneously those three deformation

modes (two of punching and one of crushing) should be developed.

For those collision events, the energy is underestimated (and thus the penetration overesti-

mated) with the semi-analytical model, which is conservative with regard to the jacket defor-

mation.

Figure 8.43: Connection subjected to two-sides punching and crushing (general view and
cross-section deformation)
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For a given initial kinetic energy, the collision scenarios with the largest ship penetrations

correspond to scenarios for which the initial impact point is located on a leg between two leg

- braces connections or on braces. For those scenarios and 75 MJ of impact energy, the ship

penetration is about 3−3.50 m, as long as rupture of tubular elements is not taken into account.

For collisions on a connection, the ship penetration is about 2.50− 2.80 m.

Collisions between connections are therefore the most damaging scenarios during the collision

process.

The damage caused by the considered collision however decreases the tubular members re-

sistance and affects the OWT jacket stability, which could lead to the collapse of the tower

and the nacelle. In the present thesis, the consequence of the collision event and the resulting

deformation on the jacket stability is not investigated. To do so, models including the tower

and the nacelle that take into account gravity loads have to be built.

The distribution of dissipated energy between the four deformation modes, summarised in

Table 8.22 for all the investigated collision scenarios, is highly related to the collision scenario,

and especially on the ship elevation.

Table 8.22: Distribution of energy dissipation into the for deformation modes for the
investigated collision scenarios

Scenario Table Local crushing Overall motion Punching Base

[%] [%] [%] [%]

N
on

-b
u

lb
ou

s

A0: Leg span, α = 0◦ 8.2 53 3 30 14
A30: Leg span, α = 30◦ 8.4 58 4 38 0
A45: Leg span, α = 45◦ 8.6 65 5 26 4
B0: Leg connection, α = 0◦ 8.8 27 14 17 42
B30: Leg connection, α = 30◦ 8.10 15 62 23 0
B45: Leg connection, α = 45◦ 8.12 11 70 19 0
C0: Brace span, α = 0◦ 8.14 44 4 34 18

B
u

lb
ou

s D0: Leg, α = 0◦ 8.16 26 4 27 43
D30: Leg, α = 30◦ 8.18 59 6 34 1
D45: Leg, α = 45◦ 8.20 73 5 22 0

For collisions between connections, most of the energy is dissipated through the local crushing

of impacted tubular members mode. Indeed, the three-hinges mechanism may be activated and

large displacements occur near the impact point, leading to a large amount of dissipated energy.

However, for collisions on a connection, this mechanism is not activated, and energy is

dissipated at that connection through cross-section deformation until the cross-section is totally

flat. Then, the three other modes dissipate a lot of energy. For collision angle α = 0◦ (collision

scenarios B0), one plane of the jacket (Fig. 6.47) is deformed and all the deformation modes are

activated. For large values of collision angle α (collision scenarios B30 and B45), the impacted

point moves along the ship trajectory and only few deformation occurs in the two planes adjacent

to the impacted leg. A large part of the energy is thus dissipated through the overall motion

deformation mode.
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As discussed in Chapter 3, the FE model is built using Belytschko-Tsay shell elements that

are four-nodes shell elements with one single point of integration, as represented in Fig. 8.44, in

comparison with fully integrated shell elements, as represented in Fig. 8.45. Those elements are

thus under-integrated and hourglass modes may occur during the simulations. Hourglass modes

correspond to non-physical zero energy modes for which the deformation cannot be captured

by the unique integration point. For 2D shell elements, two hourglass modes are represented

are represented in Fig. 8.46. In all the FE simulations presented in this Chapter, the hourglass

energy is lower than 1 MJ , which corresponds to less than 2% of the total energy (75 MJ).

Figure 8.44: Four-nodes shell element
under-integrated

Figure 8.45: Four-nodes shell element fully
integrated

Figure 8.46: Two hourglass modes for 2D shell elements

The aim of developed method is to compute the crashworthiness of an OWT jacket quickly.

This goal is achieved, as the computation time is about 3 minutes1, which is significantly shorter

than with FE simulations, lasting about 10 hours2.

1MATLAB R2009a, processor Intel®Core™i3-3217U, CPU 1.80 GHz, RAM 8 Go (DDR3, 800 MHz)
2LS-DYNA R-611, processor Intel®Xeon®, CPU E5-2630 v2 2.60 GHz (2 processors), RAM 64 Go (DDR3,

1600 MHz)
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8.6 Conclusions

The general algorithm developed to compute the total resistance of an OWT jacket impacted

by a ship is described in this Chapter. All the steps, starting from providing the collision data

until getting the results, required to compute the jacket resistance are detailed.

At first, the user has to built the collision model, including the striking ship geometry, the

jacket mechanical and geometrical properties as well as the collision scenario.

The contact force between the ship and the jacket may occur through several contact points

that do not appear simultaneously. A methodology is developed to identify all the potential

impacted tubular members and connections between legs and braces. For each of them, the

distance with regard to the striking ship, initially located on its trajectory line and such as it is

out of contact with the jacket, is computed.

An algorithm is then developed to compute the total resistance of the collided jacket, includ-

ing the four deformation modes that are described individually in Chapters 4 to 7. The collision

time is divided into several time steps for which the resistance is computed. The increment

of penetration is computed based on the ship velocity, which allows to detect all the impacted

elements. Then, the resistant force is computed for the four deformation modes, taking into

account the interactions between them. For the considered time step, the total resistant force

is assumed to be the minimum one. The ship acceleration is deduced from this force, and its

velocity is updated. This procedure is followed until the striking ship stops.

This general algorithm is finally validated by comparing the results with FE simulations.

Several collision scenarios are modelled with both methods including a non-bulbous and a bul-

bous bow, considered as rigid, and several ship elevations and collision angles. For each of them,

the evolution of the resistant force and the dissipated energy is plotted and the discrepancy

between the semi-analytical and the numerical methods is computed.

From the validation process, the developed semi-analytical model is shown to provide ac-

curate results with a mean discrepancy of 6% with regard to the FE simulations. For the

investigated collision events, maximum discrepancies are lower than 10%, except for collisions

on leg - braces connections, where discrepancies are larger and the dissipated energy is shown

to be underestimated. Analytical developments including the effect of crushing and punching in

a common formulation is suggested as further research to improve the model. The results also

demonstrate that collisions between connections lead to the largest ship penetration for a given

initial kinetic energy. The distribution of dissipated energy between the four deformation modes

according to the collision scenario is also discussed. Finally, the reduction of computation time

with regard to FE simulations is shown to be significant.
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Chapter 9

Conclusions and perspectives

Abstract:

In this concluding Chapter, the thesis is summarised and the main topics
investigated in each Chapter are highlighted.

Then, the personal scientific contributions performed during the PhD
are highlighted and detailed.

Finally, the applications of the developed methodology and associated
algorithm are discussed and further research topics are suggested to
extend the model.
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9.1 Summary of the research

As discussed in Chapter 1, the number of offshore wind farms is expanding and represents a

part of the development of renewable sources of energy. In addition the number of navigating

ships is increasing. Therefore, the probability of a ship collision on an OWT raises. From the

state of the art, it appears that such ship - OWT collisions are currently mainly investigated

with FE simulations, which provides accurate results but is time-demanding and not suitable

for a pre-design stage.

The development of a simplified tool able to compute quickly the resistance of an OWT

jacket, including both local and global deformations, is thus required. This is the aim of this

thesis.

The developed method is based on analytical developments derived using the upper-bound

theorem associated with a plastic limit analysis, while the validation of the model is achieved

by comparison with FE simulations performed with LS-DYNA nonlinear solver. The theoretical

background of these two methods in the framework of ship collisions is detailed in Chapter 2.

Using FE simulations, the structural behaviour of an OWT jacket impacted by a ship is

investigated in Chapter 3. First, the influence of some parameters is studied, and the results

show that the dynamics of the tower and the gravity force have a negligible effect on the jacket

deformations. The structure - soil stiffness interaction is also analysed, and it appears that

considering the jacket legs as perfectly clamped in the seabed, i.e. with an infinite soil stiffness,

provides similar results than with a finite soil stiffness for the considered OWT jacket. Then, four

deformation modes are identified, namely the crushing of impacted tubular members, the global

motion of the overall jacket, the punching of legs by compressed braces and the deformation at

the base of the jacket. Material rupture of impacted cylindrical members is also investigated

and is shown to have few effect on the deformation modes even if it may influence the total ship

penetration.

In the thesis, it is assumed that the striking ship is perfectly rigid, i.e. the whole initial

kinetic energy is dissipated by deformation of the OWT jacket, and that rupture of elements is

not taken into account. Those assumptions are conservative with regard to the collided OWT

jacket.

Chapter 4 aims to study the crushing resistance of impacted tubular members (Fig. 9.1). At

first, assumptions on the impacted tubular member deformation pattern are made, taking into

account the striking ship stem geometry and the impact point. Then, analytical expressions are

derived for both vertical and horizontal cylindrical members by using the upper-bound theorem

associated with a plastic limit analysis. Then, the resistance of an oblique tubular member is

obtained by linear interpolation between both vertical and horizontal values. A similar approach

is used to assess the resistance of a tubular member impacted by a ship bulb. The validation
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is performed by comparing the results with FE simulations and show a good accordance of the

developed analytical model.

Figure 9.1: Local crushing of an impacted tubular member

The global deformation of the whole OWT jacket in investigated in Chapter 5 using a

methodology similar to FE codes in which each tubular member is modelled as one single 3D

beam element with 6 degrees of freedom at each node. The elasto-plastic elementary stiffness

matrices are computed taking into account the geometric second-order effects (using Timoshenko

stability functions), semi-rigid connections at the extremities (from hinged to clamped) and po-

tential plastic hinges at both extremities or at mid-span of the tubular member. The structure

stiffness matrix is then obtained with an assembly process with all the elementary stiffness ma-

trices. Finally, the displacements and internal efforts are computed by imposing a displacement

at the impact point. Validation of the results against FE simulations demonstrate the accuracy

of the developed algorithm.

Chapter 6 is dedicated to the punching deformation mode (Fig. 9.2). As a first step, the

resistance of a leg punched by a brace is studied. Using a methodology similar than for the local

crushing of impacted tubular members, analytical expressions are derived for tubular members

crushed by a linear indenter and are affected by empirical parameters taking into account leg and

brace diameters ratio. Those formulations are successfully validated with FE simulations. Then,

as punching may occur at several connections of the impacted OWT jacket, a methodology is

described to assess the punching behaviour on the whole height of the structure. Here again,

the confrontation to FE results demonstrates the accuracy of the model.

The fourth deformation mode concerns the deformation at the base of the OWT jacket

(Fig. 9.3), also called “elephant foot”, and is investigated in Chapter 7. The elements involved

in this mechanism consist in both the impacted and rear legs and the bottom horizontal brace.

Four zones are defined at the base of the jacket and analytical expressions to compute their
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Figure 9.2: Punching of a leg by a compressed brace

resistance are developed for each of them. A comparison with numerical results is successfully

performed.

Figure 9.3: Deformation of the rear leg near the foundation level, also called “elephant foot”

In Chapter 8, the general algorithm to assess the total crashworthiness of the OWT jacket

(Fig. 9.4), based on the so-called “continuous element method”, is detailed. Therefore, the

four deformation modes detailed in the previous Chapters are combined and their interactions

during the impact are discussed. After listing the required data to fully describe the impact

scenario, the collision process is divided into several time steps. For each of them, the impacted

elements are first identified. Then, the resistant force Fi is computed for each deformation mode

i. At the considered time step, it is assumed that the total resistant force Ftot is the lowest
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one (Ftot = min(Fi)) and that the whole deformation occurs in the corresponding deformation

mode i. Based on this force, the acceleration of the striking ship is computed and its speed is

updated. This procedure is followed until the ship stops.

Figure 9.4: Impacted OWT jacket deformation

The validation of the general algorithm is performed for several collision scenarios and in-

volves both non-bulbous and bulbous striking ships. For most cases, both semi-analytical and

FE models are in good accordance with discrepancies lower than 10% on the dissipated energy

during the whole collision and a mean discrepancy of 6% with a CoV of 8%. For some specific

collision scenarios, new analytical developments are suggested to improve the model. The distri-

bution of dissipated energy between the four deformation modes and the most critical collision

scenarios are also discussed. The gain of computation time with regard to FE simulations is

finally shown to be significant.

The present thesis is summarised in Chapter 9. All the personal scientific contributions

are listed and further research topics are suggested.
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9.2 Personal contributions

The purpose of this PhD thesis is to provide a simplified semi-analytical tool able to assess the

resistance of an OWT jacket impacted by a ship.

The main original contributions performed during this PhD are thus related to analytical

or semi-analytical developments assessing the resistance in the four deformations modes and to

the general algorithm combining all of them. They are discussed in the following list.

• The local deformation of an impacted vertical tubular member is assessed considering

the shape of the striking ship stem or bulb. The formulations also take into account the

location of the impact point, allowing to investigate non-centred collisions on the tubular

member (Fig. 4.6).

• For a given ship penetration on the vertical tubular member, it is assumed that no addi-

tional local deformation occurs and that a three-hinge mechanism is activated (Fig. 4.10);

a switch between local and global mode is defined. The resistant force in this global

mode takes into account the reduction of resistant plastic bending moment at the dented

cross-section and the axial force in the tubular member due to large displacements.

• A similar approach is performed for impact on a horizontal tubular member both for the

local cross-section deformation and the global three-hinges mechanism.

• In the case of an oblique impacted tubular member (Fig. 4.4), the displacement field is

difficult to assess analytically. Therefore, the resistance is computed for equivalent vertical

and horizontal tubular members and the resistant force is assumed to be computed with a

linear interpolation between both extreme cases. The comparison of the obtained results

and FE simulations tends to validate this approach.

• Using the semi-analytical formulations developed to compute the punching resistance at

one leg - braces connections, a methodology is developed to assess the punching behaviour

on the whole impacted OWT jacket (Fig. 6.6). As punching at one connection is initiated

for a non-zero compressive load in the brace, this punching deformation mode is coupled

with the overall motion deformation mode that provides the internal forces in all the

tubular elements (Fig. 6.7).

• The investigations on the deformation at the base of the jacket (Figs. 7.2 and 7.3), also

called “elephant foot”, represent an original work. For a given ship penetration, the

displacement at the base of the jacket is assessed and four areas are defined near the foun-

dation level on both the impacted and rear legs (Fig. 7.9). For each of them, assumptions

on the deformation patterns are performed and analytical expressions are derived to com-

pute the resistant force and the dissipated energy. The model is successfully validated by

comparison with FE simulations.
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• The general algorithm (Fig. 8.11) is based on the so-called continuous element method as

it combines all the deformation modes and takes into account their interactions, amongst

others:

– Punching at one node is initiated once the compressive load in the corresponding

brace (computed with the overall motion deformation mode) reaches value required

to initiate the deformation.

– For a connection submitted to crushing and punching, the sum of deformation due

to both modes cannot exceed the leg diameter.

• Some specific conditions are implemented in the general algorithm, amongst others:

– In the overall motion deformation mode, the flow stress of the impacted tubular

members and at the base of the jacket is much larger than for the other elements. In-

deed, the deformations in those areas is already taken into account in their respective

deformation modes and should not be considered twice.

– If impact occurs on a connection, the three-hinges mechanism described in the local

crushing deformation mode cannot be activated.

• For a given collision scenario, several contact points may appear and are identified. The

potential impacted tubular members or connections are listed and their distances with

regard to the striking ship is computed (Figs. 8.2 and 8.3). For each potential contact

point, the location of the impact point on both the jacket and the ship is saved, as those

properties are further used to compute the resistance of the impacted element (impacted

element properties, ship parabola radii, . . . ).

• During the collision process, the list of impacted elements is updated at each time step. The

distance between the ship and the considered element corresponds to the distance before

the collision added to the element displacement (computed with the nodal displacements

in the overall motion deformation mode) minus the ship penetration (Fig. 8.10).

• Multiple contacts are taken into account in the general algorithm:

– The force in the local crushing deformation mode is equal to the sum of crushing

forces of all impacted tubular members or connections.

– The displacement is imposed on several nodes, corresponding to all the impact points,

in the overall motion deformation mode.

– The displacement pattern for the punching deformation mode is modified.
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9.3 Perspectives

The results of this semi-analytical model correspond to the evolution of the resistant force

and the dissipated energy during the ship - jacket collision with regard to the striking ship

penetration, as plotted in Section 8.5.1. It is assumed that the striking ship is rigid and rupture

is not included in the model. The maximum ship penetration and the corresponding jacket

deformation are also computed and allow to assess the damage for each given collision scenario.

As discussed in Chapter 1, a complete collision risk analysis has to be performed for every

new offshore project, which represents hundreds or thousands of collision scenarios to investigate.

FE simulations are time-demanding and are not suitable for a pre-design stage. The purpose

of the developed algorithm is thus to assess quickly the crashworthiness of an OWT jacket and

aims to be used in the pre-design.

For a given collision scenario, several jacket structures may be compared to identify the

optimal design. On the other hand, for a given jacket, this tool may be used to identify the

most critical collision scenarios. The notion of “critical” has to be defined by the user, and

could be for example the maximum ship penetration, the largest number of impacted element,

the cost of repair, . . . ).

However, the developed method is not accurate enough to perform the final design of the

OWT jacket and therefore cannot replace FE methods. The most critical scenarios, previously

identified with the semi-analytical model, are thus further investigated with FE simulations.

This methodology allows to drastically reduce the required computation time to perform a

complete collision risk analysis, as the number of numerical computations is limited.

For most cases, it is demonstrated in Section 8.5.2 that the semi-analytical model detailed

in this thesis is in good accordance with the FE simulations, which validates the method and

demonstrates its applicability for design offices.

Some additional work is suggested to further extend the model:

• In the validation of the general algorithm described in Section 8.5.2, it appears that

the model could be improved for collisions on a connection with a large collision angle

(Figs. 8.25 and 8.28).

It is therefore suggested to develop analytical formulations to compute the behaviour

of a connection punched from two sides and crushed, as represented in Fig. 8.43. This

formulation has to capture the behaviour of the connection whatever the punching forces

from both sides and the crushing force, even if those forces are not proportional.

• The algorithm computes the resistant force, the dissipated energy and the deformation of

the jacket during the collision, until the striking ship velocity equals zero. In addition,

gravity is not included in the model as it is demonstrated that it has a negligible effect on

the maximum ship penetration. However, the damage due to the collision has an influence
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on the resistance and the stability of the jacket, leading to a potential collapse of the tower

and the nacelle.

Based on the deformation computed with the developed algorithm, a post-collision study

could be performed to assess the stability of the whole OWT, including both the jacket,

the tower and the nacelle and taking into account additional loads such as gravity, wind,

waves, . . .

• Rupture of elements is discussed in Section 3.6 and is demonstrated to have few influence

on the deformation modes but has an effect on the ship penetration. This phenomenon

could be further investigated.

Modelling properly rupture in FE models is still an arduous challenge. In the commercial

code LS-DYNA, one single erosive failure law is implemented and is only valid for elements

mainly subjected to tension.

In a simplified model, considering rupture is even more challenging because an analytical

model is not able to provide localised strains but only mean strains on the whole cross-

section. The local initiation of rupture is therefore challenging to model.

• In the present thesis, the striking ship is considered as perfectly rigid. In a real collision,

the ship suffers some deformations and dissipates energy. The ratio between the ship and

the jacket stiffnesses governs the distribution of energy distribution between both ship and

structure, as represented in Fig. 2.3.

Simplified analytical formulations are already developed for ship stem or bulb deformation,

and could be implemented in the model. This work would require some adaptations to

take into account the interactions between the ship and the jacket deformations.

• In all the collision scenarios considered, the striking ship is moving only along its surge

direction. Additional analytical developments could be performed to take into account

motion in the sway or heave directions (Fig. 3.15).

Considering sway displacements, additional collision scenario could be investigated, such

as ships colliding 1 or 2 legs with side shells.

• In the present thesis, the formulations and algorithms are dedicated to assess the crashwor-

thiness of OWT jackets. Similar work using analytical developments could be performed

for other OWT supporting structures, such as monopiles, tripod, tripiles, gravity base

or floating structures. Such research is being performed by A. Bela and S. Echeverry,

whose main publications are listed in Chapter 1, for monopiles and floating structures

respectively.
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Appendix A

Finite element method theory in the

framework of ship collisions

A.1 Introduction

Finite element method is probably the most widely used technique today when ship collisions

are investigated.

Historically, the preliminary developments of the FEM were performed at the beginning of

the 20th century. However, the calculations had to be solved hand-made, limiting therefore the

size of the models. The development of computers in the 50’s allowed for a quick increase of

calculation power and the numerical tools became very efficient and suitable for larger structures.

Nowadays, researches are still performed to improve the methodology [10].

Today, the constantly increasing computational power becomes available for all design offices.

Large and complex models that are required to perform numerical simulation of ship collisions

can be built and solved with a decreasing computation time and for a reasonable cost. In

addition, commercial FE software are easily available, such as ABAQUS or LS-DYNA that are

used for impact/crash simulations.

The first advantage of the FEM is the high level of details that can be considered when

modelling a structure. As can be seen in Fig. A.1, the intersections between all tubular members

composing the jacket can be modelled with a high geometrical fidelity. If the striking ship is

considered as deformable, its internal stiffening system can be modelled also with a high accuracy,

as can be seen in Fig. A.2 for the internal details of a ship bulb.

FE simulations provide a local insight of the structural response, stresses and strains, to a

given loading. Designers may therefore improve finely the structure as they have localised values

of stresses to perform a complete fatigue design.
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Figure A.1: Connection between a leg and braces

Figure A.2: Example of a bulb internal stiffening system
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The results obtained from FE simulations are usually in good accordance with experiments,

but this is not always the case. The most difficult phenomenon to model is probably the

rupture, which is likely to occur during collision events and is one of the parameters that govern

the structural response. Indeed, the strains in both the striking ship and collided structure may

be large and overcome the rupture strain.

Lots of researches are performed to investigate rupture laws to be used in FE models.

Amongst them, Ehlers et al. [3] investigated the effect of three different rupture laws defined in

accordance to the mesh size by considering the impact response of three side ship structures.

The crushing force - penetration curves computed with LS-DYNA were also compared with

experimental results. From this study, it appeared that:

• For a given collision scenario, considering various mesh sizes with the same failure law

provides different results. One can conclude that the failure law are not consistent for all

the mesh sizes.

• Considering the same mesh size but different failure criteria leads to different results.

• The fact that the stress-strain curves do not dependent on the mesh size is contradictory

with the failure strain defined according to the mesh size.

Additional research was performed to get realistic stress-strain curves until rupture, for

example Ehlers and Varsta [4] who worked with dog-bones specimens, or Ehlers [2] who worked

with circular plates. The results were shown to be in good agreement with experiments, but

they cannot be extended directly to other impact scenarios.

In the framework of ship - ship or ship - submarine collisions, both vehicles may experience

large overall displacements and rotations. This external dynamics of both striking and collided

vessels was studied by Petersen [9] or Pedersen [8] and further developed by Le Sourne et al. [6, 7]

who implemented a subroutine named MCOL in LS-DYNA.

In this last algorithm, as a first step, the collision force and resulting deformations are

computed by LS-DYNA. This force is then transferred to MCOL that computes the new position,

velocity and acceleration at the center of gravity of both vessels for all three directions and

rotations taking into account the effects of hydrodynamic forces. Based on the results of MCOL,

the next time step is solved by LS-DYNA, and so on. The interaction between LS-DYNA and

MCOL is represented in Fig. A.3.

In MCOL, the updated position, velocities and accelerations are computed by solving the

equation of motion that is described in Eq. A.1 for a body-fixed reference frame[
M

0
+M∞

]
ẏ +G(y)y = [Fw + F h + F v] (y, x) + F c (A.1)
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Figure A.3: Interaction between LS-DYNA and MCOL for ship-submarine collisions [7]

where

• M
0

and M∞ are the ship structural and added mass matrices;

• x is the position vector of the ship center of gravity in an earth-fixed reference frame;

• y is the velocity vector of the ship center of gravity in a body-fixed reference frame;

• G is the gyroscopic matrix computed at the ship center of gravity;

• Fw is the hydrodynamic damping (wave radiation) vector at the ship center of gravity;

• F h is the restoring forces and moments vector due to hydrostatic pressure at the ship

center of gravity;

• F v is the viscous forces and moments vector at the ship center of gravity;

• F c is the contact forces and moments vector, as computed by LS-DYNA, at the ship center

of gravity.

A.2 Theoretical aspects

In commercial software LS-DYNA (LSTC), which is used for the FE simulations, both implicit

and explicit solvers are available, but the explicit one is preferred for fast dynamics simulations

due to their inherent high non linearities.

Let us consider a solid represented in Fig. A.4. It is represented in black at time n and moves

to the position depicted in blue at time n+ 1. The displacement ∆u of a point is given by the

difference between its positions at time n and n+ 1.

The equation of motion is described by Eq. A.2 where t denotes the time.

M ü(t) + C u̇(t) +K u(t) = F (t) (A.2)
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Figure A.4: Deformed solid at time n and n+ 1

where M , C and K are the mass, damping and stiffness matrices of the system respectively;

ü(t), u̇(t) and u(t) the nodal acceleration, velocity and displacement vectors respectively; F (t)

is the external force vector.

Eq. A.2 may be solved either in temporal or frequency domain. Newmark method, which is

part of the temporal methods, is based on Taylor series and aims to compute the displacement,

velocity and acceleration at time n + 1 based on known solutions at time n. The system of

equations to be solved at time n+ 1 is described in Eq. A.3.
M ün+1 + C u̇n+1 +K un+1 = Fn+1

un+1 = un + ∆tu̇n + ∆t2

2

[
(1− 2β) ün + 2βün+1

]
u̇n+1 = u̇n + ∆t

[
(1− γ) ün + γün+1

] (A.3)

where β and γ are the constants of Newmark. In this system, the first equation corresponds to

the equation of motion at time n+ 1. The second and third equations are Taylor developments

at second order for the displacement and at first order for the acceleration respectively.

To solve the system described in Eq. A.3, a predictor ũn+1 is used. This predictor is the

solution obtained by assuming that the solution at time n+ 1 depends only on the acceleration

at time n, as given in Eq. A.4.{
ũn+1 = un + ∆tu̇n + ∆t2

2 [1− 2β] ün
˙̃un+1 = u̇n + (1− γ) ∆tün

(A.4)

Including Eq. A.4 into Eq. A.3 gives Eq. A.5.
(
M + γ∆tC + β∆t2K

)
ün+1 = Fn+1 − C ˙̃un+1 −K ũn+1

un+1 = ũn+1 + β∆t2ün+1

u̇n+1 = ˙̃un+1 + γ∆tü

(A.5)
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In an explicit integration scheme, it is assumed that the solution at time n+ 1 depends only

on the solutions at time n, by setting β = 0. Therefore, the displacement at time n+ 1 is equal

to the predictor, as described in Eq. A.6.

un+1 = ũn+1 = un + ∆tu̇n +
∆t2

2
ün ⇒ ∆u = un+1 − un = ∆tu̇n +

∆t2

2
ün (A.6)

In LS-DYNA, the most used explicit integration scheme is the so-called centred differences

scheme, in which γ = 1
2 . It is further assumed that damping can be neglected (C = 0). Then,

Eq. A.5 becomes Eq. A.7
M ün+1 = F extn+1 − F intn+1

un+1 = ũn+1

u̇n+1 = ˙̃un + 1
2∆tün+1

(A.7)

where

• F extn+1 is the vector of external forces applied on the structure at time n+ 1

• F intn+1 =
∫
Vn+1

BT (σ
n+1

) dV is the vectors of internal forces at time n + 1. The operator

B links displacements to deformations and is such as ε = B(u). The matrix σ
n+1

is the

Cauchy stress matrix and its derivation will be detailed later.

It is demonstrated that Newmark method is conditionally stable if γ ≥ 1
2 and β ≤ γ

2 , which

is the case for the centred differences explicit method. In order to ensure the stability of the

method, the time step ∆t has to be small enough and respect the CFL (Courant-Friedrichs-

Lewy) condition [1]. This condition states that the largest time step ∆tc to ensure the stability

is the ratio between a characteristic length and the sound velocity, as given in Eq. A.8.

∆tc ≤
lc
c

(A.8)

The time step should therefore be smaller than the time required for a shock wave to cross

the smallest finite element in the model.

For shell elements, the characteristic length is defined by Eq. A.9

lc ≤
A

max(l1; l2; l3; l4)
(A.9)

where A is the area of the shell elements and l1; l2; l3; l4 are the lengths of its four edges. There-

fore, the elements with a crushed shape, such as represented in Fig. A.5, should be avoided in

the model.
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Figure A.5: Crushed shell element

For a material with a Young modulus E, a Poisson ratio ν and a density ρ, the sound velocity

is given in Eq. A.10 for beam, shell and solid finite elements.
c =

√
E
ρ for beam elements (1D)

c =
√

E
ρ(1−ν2)

for shelle elements (2D)

c =
√

E(1−ν)
ρ(1+ν)(1−2ν) for solid elements (3D)

(A.10)

In order to solve Eq. A.7, the vector of internal forces at time n + 1 has to be computed,

which requires to compute the Cauchy stress matrix σ
n+1

as well. This is performed with an

incremental procedure.

• The incremental Green-Lagrange strain tensor ∆E is computed, as given in Eq. A.11

∆E =
1

2

(
∇n(∆u) +∇Tn (∆u) +∇Tn (∆u)∇n(∆u)

)
(A.11)

where ∇n denotes the derivation with respect to the coordinate system related to the

configuration at time n.

• The Piola-Kirchhoff stress matrix π
n+1

comes in Eq. A.12

π
n+1

= σ
n

+H∆E (A.12)

where H is the matrix that links stress and strain (Hooke’s matrix in elastic regime).

• The gradient of the deformation matrix F is computed with Eq. A.13

F = I +∇n(∆u) (A.13)

where I is the identity matrix.

• Finally, the Cauchy stress matrix σ
n+1

is given in Eq. A.14.

σ
n+1

=
1

det(F )

[
F Tπ

n+1
F
]

(A.14)

Then, the first equation of Eq. A.7, which is M ün+1 = F extn+1−F intn+1, is solved to determine

ün+1. The algorithm implemented in fast dynamic solvers such as LS-DYNA is described in

Fig. A.6.
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∆t ≤ lc
c (CFL condition)

∆u = un+1 − un = ∆tu̇n

σ
n+1

= 1
det(F )

[
F Tπ

n+1
F
]

F intn+1 =
∫
Vn+1

BT (σ
n+1

) dV

ün+1 = M−1
(
F extn+1 − F intn+1

)
u̇n+1 = u̇n + ∆tün+1

Figure A.6: Explicit integration scheme, as implemented in LS-DYNA

A.3 Treatment of contacts in LS-DYNA

As collisions are investigated, the contact between the striking ship and the collided jacket has

to be modelled. In LS-DYNA, several algorithms are available therefore. In the framework of

this thesis, contact is assessed by using the AUTOMATIC SURFACE TO SURFACE card that

is based on the penalty approach. This method consists in considering normal interface springs

between the nodes of surfaces in contact [5].

First of all, a methodology is established to check if contact between both surfaces occurs.

Those two surfaces are denoted respectively master and slave.

At each iteration, the distance d between the master and the slave is computed for each slave

node. A line normal to the master shell element and passing through the investigated slave node

is considered. d corresponds then to the distance between the slave node and the intersection

between the master shell element and the normal line, as represented in Fig. A.7.

Figure A.7: Distance between the master and the slave

Let us consider the slave node nS and assume that the normal to the master passing through

nS crosses the master surface at shell element S1. As represented in Fig. A.8, we considered
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r the position vector of the master shell element S1 and t the position vector of node nS . We

denote the isoparametric coordinates of the master contact point as (ξc, ηc).

Figure A.8: Slave node, master shell element and position vectors [5]

Mathematically, penetration of node nS through the shell element S1 occurs if

l = ni × [t− r (ξc, ηc)] < 0 (A.15)

where

ni = ni (ξc, ηc) (A.16)

is the normal of the shell element at contact point.

If penetration occurs, a contact force is computed in Eq. A.17

f
S

= lkini (A.17)

which is distributed over the four nodes (j = 1, 2, 3, 4) of the master shell element, as given in

Eq. A.18

f i
j

= φj (ξc, ηc) fS (A.18)

where φj corresponds to the interpolation functions of the shell element. The stiffness factor ki

computed in Eq. A.19 for the master shell element depends on both the bulk modulus Ki of the

material, the face area of the element Ai and a scale factor fsi usually taken equal to 0.1.

ki =
fsiKiAi

max(shell diagonal)
(A.19)
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Performing one FE simulation is often time-demanding, which makes this method perfect

for final and accurate design validation but not suitable at pre-design stage during which several

designs have to be investigated and thousands of collision scenarios have to be modelled.
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